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Electrode melting rate found to be sum of arc melting 


rate and rate due to I°R heating in electrode extension 


beyond contact tip. The I°R heating is an exponential function 


of the extension, current and electrode diameter 
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ABSTRACT. The rate at which an are- 
welding electrode melts has been measured 
for submerged are welding at 300 to 2500 
amp and for steel electrodes '/,¢-'/» in. 
diam. A few measurements are included 
for submerged are welding with copper and 
stainless stee) electrodes and for inert- 
arc welding with aluminum, mild-steel 
and stainless-steel electrodes. The meas- 
urements were made for various extensions 
of the electrode beyond the contact tip. 
The melting rate of an electrode can be in- 
creased fivefold or more at the same cur- 
rent by increasing the extension of the 
electrode beyond the contact tip. The in- 
crease in melting rate due to /*? heatin 
in the electrode extension is an peneuial 
function of the extension, current and elec- 
trode diameter. The results are summa- 
rized in a formula giving total melting rate 
as the sum of are melting rate and /*R 
melting rate. 


Theoretical Considerations 

A careful study of the physical phe- 
nomena encountered in welding has in- 
dicated a number of common factors in 
all the are-welding processes. In 
general, the melting rate increases with 
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This relationship 
recognized for many years. 


the current (Fig. 1). 
has been 
In the application of the submerged-arc 
and gus-shielded are-welding processes 
for high-speed and high-current welding, 
there is not a proportional 
relationship between melting rate and 
current, because the effects of small- 
diameter electrodes and high current 
density with variations in the extension 
of the electrode beyond the contact are 
complicating factors 


simple 


The self-preheating of coated elec- 
trodes which limits the maximum cur- 
rent which they can carry has been stud- 
ied by Stern,' Fitch,? Terberg,* Ronay* 
and Schnadt.’ By self-preheat is meant 
the heat in the length of electrode extend- 
ing between the last point where current 
can enter the electrode from the contact 
tip, and the are. There are several 
sources from which the electrode derives 
heat to raise its temperature. 


1. The electrode may gain or lose heat 
by radiation or These 
arnounts of heat can be shown to be negli- 
gible under most practical welding condi- 
tions 


convection. 
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2. Since the end of the electrode is 
molten, heat is conducted from the 
molten end toward the contact tip. 
Rosenthal® has shown this to be negligi- 
ble in coated electrodes, and Tt" also 
true for continuous electrode welding 

3 The flow of electricity from the 
contact tip to the are end of the electrode 
creates welding 
current is J amps and the resistance of 
the electrode from tip to end is PR ohms. 
The rate of self preheating in the elee- 


heating The 


trode extension is expressed by /?’?. The 
resistance R, and, therefore, /*'?, varies 
with the temperature attained because 
the resistivity changes with temperature. 

Only a few measurements of J?R 
heating of continuous electrodes have 
Mantai 
measurement of self-preheating of sub- 
welding 
In continuous electrode 


been published reported a 


merged-arc electrodes at a 
single current 
welding in inert gases, Witting* showed 
that self-preheating 
factor with stainless steel 


greater 
than with 
aluminum, the resistivity of which is 
less than 4°% of stainless steel at room 


is 


temperature 
Since no systematic studies of melt- 
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Fig. 1. 
melting rate for E-6010 electrodes 


ing rates and self-preheating due to 
extension appear in the literature, this 
paper has been prepared to show the 
magnitude of the increase in melting 
rate caused by self-preheating. It was 
desired to determine whether the total 
melting rate of an electrode is the sum 
of the are melting rate and the melting 
rate due to /*2 heating in the electrode. 


Melting Rate 


The melting rate of the electrode in 
continuous electrode welding is some- 
times expressed in inches or feet per 
minute but more commonly in pounds 
per minute. The melting rate also may 
be expressed as pounds per minute per 
ampere, or as pounds per thousand 
amperes per minute. This is not a true 
melting rate but this term is commonly 
used throughout the welding industry. 
For a given welding condition, the change 
in melting rate with change in extension 
of electrode beyond the contact tip or 
shoe follows the course shown in Fig, 2. 
The line drawn through the plotted 
points, extrapolated to zero extension in- 
dicates what may be imagined as the zero 
extension melting rate, MR,. The 
melting rate at zero extension is pro- 
duced by the heat of the welding are 
and does not include heat generated in 
the electrode by the /*R effect in accord- 
ance with Joules law. The total melting 
rate, MR, is assumed to be the sum of 


2-8 


Approximate proportionality of current and 


MR.,, the are melting rate, and MR,, the 
self-preheat melting rate. 

The two components, MR, and MR,, 
of the total melting rate can be derived 
from measurements of melting rate at 
several electrode extensions. The ex- 
trapolation to zero extension is simplified 
by using a semilog plot of the data 
which, as shown in Fig. 2, approaches 
a linear relationship. It is to be noted 
that although MR, can be eomputed 
from physical relationships, MR, can- 
not. Hence, the experimental work in 
this investigation consisted of measure- 
ments of the melting rate at various 
extensions to determine MR, and to 
verify the method of calculating MR,. 


Experimental Methods 


Melting rates were measured during 
the deposition of surface beads on flat, 
mild-steel plates using the submerged 
are process for most of the tests. A 
period of time was allowed to elapse 
after the are was struck to allow the 
current, voltage and travel speed to 
become stable and to establish a steady 
temperature distribution in the elec- 
trode. Measurements of melting rate 
of the electrode were begun when the 
rate of electrode feed became constant. 
Sufficient electrode was consumed in 
the measurement so as to ensure 
accuracy in measuring the length. In 
most tests the time of welding was at 
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Fig. 2. A plot of melting rate vs. electrode extension with 
semilogarithmic coordinates 


Fig. 3 Six frames 
from a 3000-frame 
per second motion 
picture of a globule 
of metal transfer- 
ring from electrode 
to puddle in inert- 
arc welding 


it is believed that simi- 
lar globules occur in 
submerged arc welding. 
Welding conditions: 350 
amps DCRP, 30v, 10 
ipm, using '/s-in. diam 
electrode and M-5 ar- 
gon, 


4 
| 


The following data represent welding conditions for measuring the melting rates of electrodes with increasing electrode extension. 


diameters were used with submerged are welding and * 


Electrode ( 
diameter, 
in. Amp 
180 
300 

300 

100 

400 

600 

300 

600 

600 

900 

600 

1200 

600 

900 

1200 

1500 

1200 

1500 

2500 

1300 

1500 

2100 


Table 1—Conditions of Measurement 


For inert gas shielded-are welding, '/,¢- 


‘ontact lip 


to plate, 
volts 
25 
97 


9” 


3 


WwW 


tt 


15 


Electrode extension fror 


All 


in. diam were used. 


contact lip, in 


10 
10 
10 


least one minute. The extension was 
varied from a maximum governed by 
the rigidity of the extended electrode, 
to a minimum permitted by the welding 
operation. 

The contact tubes and were 
copper. The length of was 
varied from */, to 6 in. without affecting 
the self-preheat, provided clearance was 
held to a minimum at the tip. A spring- 
loaded contact tip with */,in. bearing 
gave good results. 

The extension of the electrode was 
taken to be the distance from the surface 
of the plate to the contact tip. This 
was necessary since the distance from 
the contact tip to the end of the elec- 
trode may vary during welding, if large 
globules of weld metal are transferring 


jaws 
contact 


(Fig. 3). It is recognized that the end 
of the electrode may be above or below 
the surface of the plate, depending on 
voltage and current. Radiography has 
been used for observing the end of the 
electrode during submerged are welding 
With '/,-in. electrodes, at 800 amp, the 
end of the electrode was about ! 
e the plate at 40 v. Observation of 
arcs With inert gas protection with '/¢- 
in. steel electrodes at 300 amp, 28 vy, 
showed that the end of the electrode was 
'/, in. above the plate. 


abo 


approximately 
Kleetronic voltage controllers of com- 
mercial types were used with electric 
units 
under the 
conditions shown in Table 5 Typical 
observations are shown in Table 2 


motor-driven electrode feed 


\leasurements were made 


Experimental Results 


I'ypical plots of melting rate as a 
function of extension derived from the 
observations by the 
method of Fig. 2 showed that for any 
diameter, the rate at zero 
extension is proportional to the current. 

Further inspection of the data in- 
dicates a relationship between the MR, 
melting rate and the cross-sectional area 
of the electrode. The change in MR, 
with dimmeter of may be 
related to a change in type of metal 
transfer and are The 
hypothetical melting rate for an elec- 
trode with zero extension and of zero 
diameter, MR,,, would be about 0.35 Ib 
per thousand amperes per minute, Fig. 
+. Under practical welding conditions, 


experime ntal 


melting 


electrode 


configuration, 


Electrode 
diam, 
iC’, amp 


in 
600 


Table 2—Typical Observations 


Klectrode 
Electrode nu lting 


extension, 


Current 

density, rate, 
min 
230 
244 
272 
536 
556 
586 
S82 
10) 
155 
510 
572 
525 
540 
700 
ROO 
O00 


amp in in 


12,200 


xs 


te 


~ 


lrode 
melting Current 
density 


electrode 


rate, 
1b /1000 
ertenaion 
0. 309 12,200 
0 407 24,400 
0 453 

0 

0 


amp min 


110,400 
147,200 
24,400 
15, 800 
07 , 600 
146, 400 
195,200 
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l 
l l'/s 3 
l 3 
l 3 
| ] 6 
30 l 6 
27 l 
30 l 6 
30 6 
35 l 6 
30 l 10 12 
35 l 
l 6 
30 12 
35 l 6 10 
40 ] ; 6 10 
6 10 
10) 12 
| 6 
5 4 6 
35 4 6 
10 i | 15 
14 
40 
35 0 422 18, 400 
0 444 36, 800 
0 505 74,600 
0. 567 
646 
1200 10 0.437 
0 453 
0 582 
0 710 
0) 842 
3-8 
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AREA OF ELECTRODE- SQ. INCHES 
Fig. 4. The variation of zero extension melting rate vs. cross-sectional area of 


electrode. 
zero diameter 


the MR, melting rate of an electrode at 
any given current would be equal to 


0.35 Ib per thousand amperes per 
minute, plus an additional amount 
which is an approximately linear 


function of the square of the diameter. 

The melting rate of 0.35 lb per minute 
per 1000 amp at zero extension and zero 
diameter, Fig. 4, may be visualized as 
the power utilized at the interface 
between the bottom surface of the elee- 


MR,, is the hypothetical zero extension melting rate of an electrode of 


trode and the welding zone. For direet- 
current power supply, this would be 
controlled by the anode or cathode drop, 
depending on polarity, and the welding 
current. For alternating current, this 
is probably related to an average of the 
anode and cathode potentials 

The total are-melting rate MR, 
therefore, would be equal to MR,, 
(0.35 lb per 1000 amp per minute) + 
MR. (the increase in are melting rate 
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Fig. 5 The increase in melting rate due to /*R heating. The plotted 


points represent all the experimental measurements 
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caused by the cross-sectional area of the 
electrode). It was found that MR... 
within the accuracy of the experimental! 
data was equal to d® Ib per 1000 amp 
per minute. 

Thus MR, = MR,, + MR.,. or 


0.35 +d? 
MR, = 
1000 


MR, is expressed in pounds per minute 


The contribution of the /*2 heating to 
the melting rate (MR,), a function of the 
square of the current and of the resistiv- 
ity of the electrode, was found to have 
an approximately straight-line relation- 
ship with the product of the current den- 
sity and the electrode extension as shown 
in Fig. 5. This relationship takes the 
general form: 

Ky, 
= 
which, froma Fig. 5 equals (1/1000) 
2.08 10-7 x 
MR, the total melting rate, = MR,, + 
MR., + MR, in which equation the first 
term 


I 
35 
MR. 7000 0.35 lb/min 
the second term 
/ 
= 1000 x d? Ib 


and the third term 
MR, = 


‘ee 
1000 2.08 10 ) Ib/min 


Therefore, 
MR = 


I 
9:35 + d? + 2.08 


10-7 (ir) | Ib/min (1) 


Two examples illustrating the applica- 
tion of the above equation and the use 
of Figs. 4 and 5 to practical welding 
problems are worked out below 

Example 1. Determine the increase 
in melting rate as the electrode extension 
increases from 2 to 6 in. for 4/j¢-in. 
electrode at 600 amp. 


From |: 


I = 600 amps. 
d = in, 


d? = 0.0351 in.? (Table 3) 
600 
MR (2 = 
R(2 in.) = * 


[0.35 + 0.035 + 2.08 1077 & 


2\!.22 

0.0351 ) { 

MR (2in.) = 0.6 [0.35 + 0.035 
0.072} = 0.27 Ib/min 

MR (Gin.) = 0.6 [0.35 0.035 
0.272] = 0.39 Ib/min 


From Figs. 4 and 5: 


d = in. 

CD = 36,200 amp/sq 
(Table 3) 

CD = 36,200 x 0.6 = 
in. 


in. amp 


21,700 amp/sq 
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ELECTRODE DIAMETER - INCHES 
Fig. 6 The total melting rate of electrodes of several diameters at an extension 


of 8 times the diameter 


VR (2in.) = 0.6 (0.38 + 0.07 
0.27 Ib/min 

VR (6in.) = 0.6 (0.38 + 0.27 
0.39 lb/min 


The results from the equation and from 
Figs. 4 and 5 are in agreement and show 


DROP IN POTENTIAL FROM CONTACT TIP—- VOLTS 


° 2 4 6 8 


that the increase in melting rate would 
be equal to 0.39-0.27 0.12 Ib/min or 
a 45% increase 

Example 2. Determine the melting 
rate of electrodes of several diameters 
at 1000 amp and an extension of eight 


OR VOLTS 


TEMPERATURE - DEG. c 


| 
J 
4 


10 


DISTANCE-CONTACT TIP TO PROBE— INCHES 


Fig. 7 Experimental measurements of voltage drop from 
contact tip to probe along two electrodes with large ex- 


tension 
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Lilectrode Me lting Rate 


The results of 
computations using Figs. 4 and 5 are 
shown in Fig. 6. Since MR,, increases 
and MR, with increasing 
electrode diameter, the total melting 
intermediate di- 
The 
curves for zero total 
melting rate converge as the diameter is 
increased. “Figure 6 demonstrates the 
importance of high current density for 
securing high melting rates due to [?R 


times the diameter 


decreases 


rate is lowest for an 
in this example, in, 
extension and 


ameter 


heating. 
Voltage Drop and Temperature 

As the electrode extension is increased, 
the temperature of the electrode rises, 
particularly toward the are end, The 
energy absorbed in heating the electrode 
Since arc voltage is the 
difference generated voltage 
and voltage drop in leads and electrode, 
any change in electrode extension must 
be compensated by a voltage adjust- 
ment to maintain constant are voltage. 

The voltage drop along an electrode 
was measured with a Brush recorder in 
two series of tests, Fig. 7. The voltage 
drop between the contact tip and 
various locations along the electrode 
was measured by means of a knife-edged 
probe which maintained sliding contact 
on the moving electrode. The measure- 
ments showed that voltage drop per 
unit length increased toward the arc 


also rises 


between 


| | 
2 3 4 5 6 
INCHES 


Fig. 8 Calculated voltage and temperature distributions 
from contact tip to end of electrode, due to /*R heating 
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Fig. 9 The influence of electrode extension on the melting Fig. 10 The 


rate of three materials in inert-arc welding 


end, The reason for the increase lies in 
the increase in resistivity of steel at 
higher temperatures. 

In order to calculate the distribution 
of temperature and voltage along the 
electrode, the following formula was 
derived from fundamental theoretical 
considerations: 

(2) 
where 

FP = distance from contact tip to a 

point on the electrode. 

7 = temperature at that point, ° C. 

e base of natural logarithms. 


D-A*8. 
M = 
y DAS 
4. 18H, 


B, = feed rate, em/min, of electrode at 
zero extension, B, is the feed 
rate corresponding to the are 
melting rate, MR,, which can- 
not be calculated. Experimen- 


tal determinations must be 
used. 

A = cross-sectional area of electrode 
em?, 


D density of electrode, g/cm’. 

S «= specific heat of electrode, watt 
sec/g/° C from 20° C to T, 

H == heat in calories required to raise 
1 g of electrode from 20° C to 
the liquid state. 

resistivity, ohm-cm 


The exponent in eq 2 is related to the 
slope of the straight lines in the semi- 
logarithmic plots of experimental data, 
Fig. 2. However, because the density, 
resistivity and specific heat in eq 2 vary 
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ELECTRODE EXTENSION- INCHES 
influence of electrode extension on the 


melting rate of three materials in submerged arc welding 


widely with temperature for metals, 
particularly steel, the equation is not 
suitable for calculating the temperature 
distribution and heat generated in the 
electrode. Consequently, for steel elec- 
trodes a step-by-step method was used 
to calculate the distribution of tempera- 
ture, heat and voltage for experimental 
values of extension L (centimeters) and 
electrode feed rate B (centimeters per 
second). The basic formula is: 


L 
prot) 


(3) 
where 
ST == temperature interval, chosen 
as 50° 
Swe = specific heat, watt seconds per 
gram per degree centigrade 
from 0 tot? C 
De» = density, g/em* 
A = cross-sectional area of elec- 
trode, 
resistivity in ohm-cm. 
The method involves computing SD/p 
for every 50°C interval from 0° C to 
the temperature of the electrode at the 
are end due to /*R heating alone. The 
temperature at which the sum of these 
values equals the value of /*L,/50A°B is 
the temperature of the electrode at the 
are end. The heat generated in each 
50° C interval up to this temperature is 
computed from /*-p(AL)/4.18A, where 
AL is the distance over which the 50° C 
change in temperature occurs. The 
sum of these heats is the heat generated 
by self-preheat. Dividing this sum by 
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the heat content of liquid electrode at 
its melting temperature, the equivalent 
amount of electrode melted by self- 
preheat is obtained. 

Calculations were made by this 
method for all experimental runs. For 
mild steel, copper and aluminum on 
reverse polarity and alternating current, 
the calculated curves of extension vs. 
increase in melting rate were in close 
agreement with the experimental curves. 

The agreement leads to three conclu- 
sions: 


1. J?R heating is responsible for the 
increase in melting rate due to exten- 
sion. 

2. Itseems very likely that VR,, the 
arc melting rate, is constant at all ex- 
tensions. The heat transferred from 
the are to the end of the electrode is 
the same at all extensions but increases 
with electrode diameter. 

3. The liquid transferring from elec- 
trode to plate is not far above its melting 
point. This conclusion is indirect. In 
order to transfer itself across the arc, the 
metal melted by preheat must be in the 
same state as the metal transferring at 
zero extension. The calculations agree 
with experimental results when the 
equivalent metal melted by preheat is 
assumed to be at its melting point and 
not, for example, at 2000° C. Conse- 
quently, the liquid melted by the are 
and ready to transfer is also above, but 
close to, the melting point. These con- 


WELDING Research SuppLEMENT 


| 
| | 4 : | 
+4 
| 
= 


Table 3—General Table—Steel Electrodes 


Current 
-Diameter, d— ———Weight - density, 
Fraction, in. Decimal, in d*, in.? Area, in.* Lh /in. Lb/Ft Fi/lb amp /in.*/1000 amp 
bes 0.0625 0.00391 0.0031 0. 00087 0.0104 96.15 325, 900 
3/s9 0.0938 0. 00880 0.0069 0.00196 0.0235 42.55 144,900 
i/, 0.1250 0.0156 0.0123 0.00349 0.0419 23.86 81,300 
5/55 0. 1563 0.0243 0.0192 0.00545 0.0654 15.29 52,100 
3/6 0.1875 0.0351 0.0276 0.00785 0.0942 10.61 36, 200 
i/, 0.2500 0.0625 0.0491 0.01396 0.1675 5.97 20, 400 
0.3125 0.0976 0.0767 0.02180 0.2617 $.82 13,000 
a/, 0.3750 0.1406 0.1105 0. 03140 0.3768 2.65 9,050 
5000 0. 250 0.1964 0 05583 0.6700 1.49 5,100 


Fig. 11 Macrosections of submerged-arc surface beads made with several diam- 
eters and extensions of electrodes at 600 amp 


Fig. 12 Increased extension fills a joint at the same current and travel speed 
which failed to fill at normal extension. Current, 600 amp ac; travel speed, 15 
ipm; electrode diameter, */\« in. 


Electrode extension—1'/> in. Volts-——32 Electrode Extension in. Volts—-29 


Fig. 13 
weld size. 


Electrode Extension 
Travel Speed 


Increased extension allows an increase in travel speed with equivalent 
Current, 850 amp ac; electrode diameter, '/, in. 


in. Volts—28 
16 IPM 


Electrode Extension 5 in. Volts—30 
Travel Speed 20 IPM 


Fig. 14 Increased extension produces an equivalent weld at lower current. 
Travel speed, 23 ipm; electrode diameter, '/, in. 
in, Volts—29 


Electrode Extension —5 in. Volts—3! 


Current—800 amps 


Electrode Extension 
Current—900 amps 
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clusions may require revision for straight 
polarity 

Returning to eq 3, the heat in watts 
generated in each 50° C interval divided 
by the welding current is the voltage 
used in each interval. The sum of these 
voltages is the voltage drop in the length 
of electrode from the contact tip to the 
art typical example of calculated 
temperature and voltage distribution 
due to /’R heating is shown in Fig. 8. 
The voltage drop and temperature rise 
per unit length of electrode increase to- 
ward the are end 

The calculated and experimentally 
measured voltage drops in Figs. 7 and 
§ can be equivalent 
amounts of electrode melted by self- 
preheat. For example, 2.7 volts was 
measured over the 12-in. extension, #/s-in. 
electrode, at 1200 amp. The equivalent 
rate of heat generation is 182 Btu/min. 
Dividing this by the heat content of 
liquid steel at its melting point, 595 
Btu/lb, the self-preheat should have 
increased the melting rate by 0.306 Ib/- 
min. The measured increase was 0,28 
lb mun 

Through the use of Table 3 and Fig. 5, 
given combina- 
tion of current, diameter and extension 
may be calculated 


converted to 


the voltage drop for any 


the drop in 
voltage along */,»-in.-diam electrode at 
600 amp with a 6-in. extension 


The current density «— 0.6 K 36,200 = 
21,750 amp/sq in. (Table 3), 

CDXE 130,500 

The MR, melting rate for CDK E «= 


Example, Determine 


140,500 0.15 ib/min (Fig. 5), 

0.15 lb steel melted/min « 89.4 Btu/- 
min 1570 watts 

Watts KI 


1570/600 = 2.6 drop. 


The method of calculation based on 
eq 3 neglects lose by radiation and con- 
vection, and by conduction of heat 
along the electrode. Calculation of 
these factors for the highest ratea of 
self-preheat in this report showed that 
they affect the heat balance by not 
more than 6% 


Stainless Steel, Aluminum and 
Copper Electrodes 


The electric resistivity of the elec- 
trode has a large effect on [2 heating, 


| 
— 
| 
4 é 
h, 


Figs. 9 and 10. The resistivity at room 
temperature of the four materials in 
these two diagrams is in the ratio: 
copper 1, aluminum 1.6, mild steel 10, 
Type 304 stainless steel 42. As ex- 
pected, /*R heating increased the melt- 
ing rate more rapidly with Type 304 
than with mild steel. The melting rates 
of aluminum and copper were not in- 
creased appreciably by long extensions. 
The zero extension melting rate was 
nearly twice as high for copper as for 
the other materials. 


Other Factors 

A number of welding variables af- 
fected melting rate and self-preheating. 
The zero extension melting rate for sub- 
merged arc and consumable-electrode 
inert-are welding was higher on straight 
polarity than on reverse polarity. The 
rate for alternating current was about 
the same as for reverse polarity. Al- 
though the zero extension melting rate 
depended to a smal) extent on the type 
of submerged-are welding composition, 
the rate of self-preheating did not. 

The dimensions of the bead cross 
section would be expected to change aa 
the extension is increased at constant 
control voltage. Since less voltage is 
available at the arc, the bead should be- 
come narrower and the penetration 
deeper as the extension is increased. 
Acting in the opposite direction is the 
larger amount of metal deposited with 
increasing extension. The additional 
metal should raise the level of the puddle 


and widen the bead. The voltage and 
melting rate effects were found to neu- 
tralize each other to a large extent. The 
cross sections shown in Fig. 11 show lit- 
tle effect due to self-preheat except for 
an enlargement of reinforcement with 
increasing extension. The voltage ef- 
fect may account for the narrow bead 
deposited by the °/-in. electrode at 4- 
in. extension. Under conditions of high 
self-preheat, it may be desirable to 
raise the control voltage. 


Applications 

The application of /*R heating to sub- 
merged arc welding is illustrated in 
Figs. 12 to 14. The effectiveness of 
I’R heating in increasing the rate of 
metal deposition is illustrated in Fig. 12. 
The butt weld made with 1'/,in. ex- 
tension is incompletely filled. With 5- 
in. extension there is adequate rein- 
forcement. The current and travel 
speed were not changed. In Fig. 13 
the extension was increased to permit 
welding the butt joint at 25% higher 
travel speed. In Fig. 14 it was possible, 
by increasing the extension, to use a 
lower current to fill the same design of 
joint, without sacrifice of travel speed 
and, at the same time, to decrease the 
excessive penetration obtained with the 
higher current. 


Summary 

1. In electric-are welding, the melt- 
ing rate of a welding electrode is the 
sum of the rate due to arc melting and 


the rate due to /*R heating in the length 
of electrode that extends beyond the 
contact tip. 

2. With both a-c and reverse polar- 
ity, the are melting rate increases with 
an increase in electrode diameter, is 
twice as high for copper as for steel and 
aluminum, is independent of extension 
and is about the same in submerged 
are welding as in inert-gas arc welding. 

3. The melting rate due to /*R heat- 
ing in the extension is an exponential 
function of extension, current and elec- 
trode diameter. 

4. Simple charts, Figs. 4 and 5, are 
presented for calculating the total melt- 
ing rate for a wide range of welding cur- 
rents, electrode extensions and diame- 
ters of steel electrodes. 
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WRC Organizes Welding 
Procedures Committee 


The Welding Research Council is or- 
ganising a new Committee on Welding 
Procedures, Over a period of a decade 
or more, the Welding Research Council, 
through its own Project Committees 
and through the work of other affiliated 
organizations, has accumulated a great 
deal of scientific data and background 
experience based largely on small lab- 
oratory specimens. To render these 
data useful to engineers charged with 
writing specifications, designing struc- 
tures and writing codes, it is necessary 
to carry some of this research work to 
much larger specimens and perhaps even 
to full-scale weldments and structures. 
This knowledge, properly applied, may 
save industry millions of dollars an- 
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nually through the avoidance of costly 
procedures which may not always be 
necessary. 

This Committee will concentrate its 
attention first on the following four 
problems: 


1. Postheat or thermal stress-reliev- 
ing treatments, when and where 
desirable and conditions under 
which they are necessary. 

2. Preheating and interpass tem- 
peratures, 

3. Significance of weld metal poros- 
ity. 

4. Procedures for welding low-alloy 
steels. 


In order to give industry an oppor- 
tunity to indicate the most important 
phases of these problems needing re- 
search, an open meeting of the Com- 
mittee was held in Philadelphia during 
the National Fal! Meeting of the Amenri- 
CAN WELDING Soctery on Oct. 20, 1955. 
More than 30 outstanding engineers and 
scientists attended this conference, dis- 
cussed the importance of each problem, 


Electrode Melting Rate 


and gave suggestions on some of the 
variables involved. These were all re 
corded and will be used by the Commit 
tee in laying out a program of research. 

Further comments and suggestions 
are invited by anyone interested. This 
information should be sent to W. Sprara- 
gen, Director, Welding Research Coun- 
cil, 29 W. 39th St., New York 18, N. Y. 
This Committee is under the general 
direction of L. J. Larson, Consulting 
Welding Engr., Allis-Chalmers Mfg. Co., 
Milwaukee 1, Ws., who is acting as 
Chairman. 


1.1.W. Meeting, 
to Be held in Spain in 1956 


The 1956 meeting of the Internationa! 
Institute of Welding will be held in 
Madrid, Spain, July 2-9. It is ex- 
pected that 29 nations will be repre- 
sented by some 750 delegates. The 
United States will send a strong delega- 
tion. It is hoped that sufficient ex- 
perts from the United States can attend 
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HOT CRACKING 


OF STAINLESS STEEL WELDMENTS 


The mechanism of weld- and base-metal 


hot cracking established through laboratory investigation 


of various heats and forgings of 


types 347 and 304 stainless steels 


BY P. P. PUZAK, W. R. APBLETT AND W. §. 


ABSTRACT. Various heats and forgings of 
Types 347 and 304 stainless steels were in- 
vestigated with the aim of establishing the 
mechanism of weld- and base-metal hot 
cracking. It is deduced that hot cracking 
of the base metal results from the liqua- 
tion of fusible segregates located at the 


boundaries of grains which adjoin the 
fusion line of the weld proper. The 
base-metal cracks develop high strain 


concentrations in the solidifying weld 
metal and, consequently, the cracks ex- 
tend into the weld metal. If the weld 
metal is not susceptible to hot cracking, 
by virtue of the presence of primary fer- 
rite, the notch extension mechanism is 
inoperative. Thus, fusible grain bound- 
ary segregates establish the basic condi- 
tion for base metal cracking and for a 
severe testing of the ability of the weld 
metal to resist hot cracking. Large grain 
size aggravates the segregate problem and 
therefore, the weld cracking problem 

The presence of weld- or base-metal 
cracks provides for low ductility stress rup- 
ture failures during the heat treatment or 
elevated temperature service of weld- 
ments subjected to yield point loading 
Small cracks which are not visible except 
at high magnification may serve to initiate 
low ductility, stress rupture failures. The 
anomalous occurrence of long cracks in 
ductile material, after heat treatment of 
weldments judged to be crack-free prior 
to heat treatment, is explained by these 
findings 
Introduction 
The weldability of stainless steels is a 
critical factor in the development of 
high temperature power plants. In 
this respect, Type 347 stainless steel 
(19-9 Cb) is of particular interest be- 
cause of weld cracking difficulties 
Ordinarily, this material is welded with- 
out difficulty in the form of thin sheets; 
cracking problems are either not en- 
countered or are eliminated by means of 
relatively simple precautions. In the 
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welding of castings or heavy forgings of 
Type 347 stainless steels, a consider- 
of cracking difficulties 
Cracking may 


able number 
have been encountered 
be observed as follows: 
1. Immediately after welding: (a) in 
the form of base metal cracks perpen- 
dicular to the weld; (6) transverse weld 
metal cracks: (c) combinations of the 
with the weld metal 
cracks joining to form a continuous 
crack; (d) longitudinal cracking of 
weld metal; (e) longitudinal cracking of 
the heat-affected zone (IIAZ). 
2. After heat treatment 
cracking: of base-metal re- 
gions may be developed during or sub- 
sequent to stress relieving or full heat 


above base and 


extensive 


weld- and 


treatments of welded assemblies 
Previous investigations conducted at 
this Laboratory’: * have demonstrated 
that hot tearing occurs in castings at 
temperatures slightly above the solidus 
At such temperatures, solidification is 
almost complete except for an essentially 
continuous, interdendritic, liquid film. 
In this condition the metal is susceptible 
to separation along the liquid film path 
upon the application of very low stresses 
The formation of low melting point 
segregates, such as sulfides, were shown 
to promote hot tearing by virtue of pro 
longing the natural period of the “liquid 
film stage.’ 
The development of hot cracks in 
welds is considered to depend upon the 
same factors which determine the hot 
tearing of castings. Coarse grain struc 
tures found in large castings and heavy 


forgings provide for a concentration of 
constitutents at grain 


sche- 


melting 
boundaries 

matically the 
hot cracks as the result of liquation of 
fusible grain boundary On 
the base metal adjoining the 


low 
Figure 1 depicts 


formation of base-metal 


segregates 
welding 
weld is stressed initially 
due to the thermal expansion of the hot 


In compression 
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metai near the fusion line; upsetting in 
the thickness direction is developed at 
this stage. Melting occurs in segregate 
regions to a distance determined by the 
thermal! gradient perpendicular to the 
weld. As the welding arc passes on, the 
heat-affected zone becomes stressed in 
tension as the result of cooling and sub- 
sequent contraction of the upset mate- 
rial adjacent to the fusion line. The 
tensile stresses result in the separation 
of the liquid film region, thus, producing 
a heat-affected zone crack, The heat- 
affected zone position undergoing crack- 
ing and the relative extent of cracking 
are dependent upon the amount of 
liquid film present, the unit strain rate 
developed and the film life. High 
melting point segregates which endure 
only for the short period of time during 
the interval of change from compression 
to tension may result in a small amount 
of cracking or in no cracking. Low 
melting point segregates, on the other 
hand, are maintained liquid for longer 
periods of time are conducive, 
therefore, to greater cracking. The 
ultimate result of grain boundary liqua- 
tion is the development of heat-affected 
zone hot cracks which may be oriented 
in any direction with respect to the 
weld as shown at the bottom of Fig, 1. 
The direction depends on the stress 
system turn is, in part, a 
function of weld geometry. 

The development of weld metal hot 
cracks is depicted schematically in Fig 
2. The zone immediately behind the 
liquid are pool is characterized by a 
hy state ( initial solid dendrites dis- 


and 


which in 


mu 

persed in a pool of liquid metal). Even 
in the presence of heat-affected zone 
hot cracks, the weld metal does not 


crack during this stage because of the 
high proportion of liquid and essentially 
“mushy” characteristics of the solidify- 
ing mass. When the weld metal reaches 
its liquid film stage, however, a high 


Yn 


= 


CRACKING OF BASE METAL 


SOLID LIQUID FILMS MUSHY 


Liat 


WE OF GRAIN BOUNDARY 


LiQuiD 


CRACKING OF WELDS 


|_WOTTEARING RANGE 
FORWELO METAL 


DISTANCE ALONG HAZ 


USION LINE. 


Fig. 1 Schematic 


lived liquid films that will be formed 


strain concentration is developed at the 
tip of the heat-affected zone crack re- 
sulting in the separation of the essen- 
tially “friable’’ weld metal as an exten- 
sion of the heat-affected zone crack. 
Whether or not this occurs, depends 
upon the competing factors of length of 
film stage life and rate of straining which 
develops from the contraction. Weld 
metal becomes highly susceptible to hot 
cracking if the film stage is prolonged 
by virtue of the presence of low melting 
segregates. Thus, segregates promote 
heat-affected zone cracking and also 
weld metal cracking. The presence of 
heat-affected zone cracks results in a 
severe teat of the resistance to hot crack- 
ing by weld metal; weld metal which 
may be sufficiently resistant to avoid 
cracking in the absence of heat-affected 
zone cracks may hot crack in the pres- 
ence of heat-affected zone “notches.” 
Weld metal which is highly susceptible 
to hot cracking may also develop longi- 
tudinal hot cracks (Pig. 3) not related to 
heat-affected zone notch conditions. 

Hot cracking of stainless steel weld 
metal is known to be decreased or 
eliminated by the presence of small 
amounts of primary ferrite in the 
solidifying austenite matrix. For this 
reason, Stainless steel welding electrodes 
are designed to deposit weld metal con- 
taining primary ferrite. Questions of 
dilution, the development of brittle 
sigma from ferrite during heat treatment 
or during service at elevated tempera- 
tures, etc., present additional complica- 
tions in the development of practical 
solutions to the hot cracking problem. 
Cracking during heat treatment is 
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representation of base-metal 
cracking. The lower the melting point of the segregate 
and the greater the amount, the more continuous and longer- 
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postulated to involve stress rupture 
failures resulting from the presence of 
weld or base metal cracks in metal 
under conditions of yield point loading 
developed by welding stresses 

The research program described in 
this paper was planned to obtain basic 
information on the mechanism of crack- 
ing and to evaluate the effects of differ- 
ent metal and variables, 


processing 


Fig. 2 Schematic representation of weld-metal hot cracking 


Various types of tests for the evalua- 
tion of cracking susceptibilities were 
evolved and utilized to conduct critical 
experiments aimed at the clarification 
of the general mechanism of hot crack- 
ing as related to the concepts outlined 
above. 


Maierials 


The materials used in this investiga- 


STANDARD 304 i 


Low Cc 304 


Fig. 3. Macrostructure obtained in 14 x 18-in. cross sections of 2 to 1 reduction 


plates 
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tion (Table 1) consist of 1'/s-in. plates 
representing 2, 4, and 8 to | reductions 
from the original ingot. Three heats 
of Type 347 stainless steel were included 
in the study and two heats of Type 
304 stainless steel were added for com- 
parison purposes. Coated 
designed for depositing weld metal of 
0, 4, 8, and 11% ferrite (Table 2) 
were included in the study. The mac- 
rostructures of the plates varied con- 
siderably for each of the five materials: 
the 2 to 1 reduction plates are illustrated 
in Fig. 3. 
resentative of heavy forgings were ob- 
tained only with 2 to | reduction ma- 
terial of the standard 347 and the 
two low carbon 347 heats. The 304 
heats of the 2 to 1 reduction, as well 
as all other material reduced 4 to 1 and 
8S to 1, were observed to be relatively 
fine grained 

The chromium and nickel equivalents 
of the plate material were calculated 
for plotting on the Schaeffler stainless 

constitution diagram (Vigs. 4, 
The following observations may 
be made: 

1. According to 
wrought material 
Schaeffler diagram, the various proj- 
ect material heats should be wholly 
austenitic in the as-forged state with 
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Coarse-grained structures rep- 
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Table 1—Heat Number and Type 


low 347, 


low C S347, 
high Ch 


. 53327,° 
low C 304 
0.038 
1.07 
0.50 

0.013 


Std. 304 
0.09 
1 Ol 
0.52 
0.024 
0 027 0.031 
Is. 18.6 
9.7 10.4 
0.30 0.43 
0.12 0.12 


low Ch 


Ta 


* The last two digits of the heat numbers are used in Fig 


terials 


i to represent the above ma- 


Table 2—€lectrode 


11% ferrite 
0 07 0.07 
33 1.33 

0 30 

0 008 
0.016 
21.9 
“0.9 
0.12 
1.16 


ferrite 4% ferrite S% ferrite 
0.10 
l 
20 0 34 
0 008 
0.014 

19.4 

11 0 

0.11 

) ty 


0 
0.24 
0.011 
0 O15 
20.2 

10.4 

0.12 
0.67 
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Fig. 4 Relative positions of project materials on Schaeffer constitution diagram for stainless steel 


Code: 20 = Std. 347 (10/1 Cb/C); 16 = low C 347 (10/1 Cb/C; 13 = low C 347 (30/1 Cbh/C); 27 = tow C 304; 30 = Std. 304, 
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the exception of the low C Type 304 
material. This was corroborated by 
metallographic examination of the 
forged materials. 

2. According to the Schaeffler dia- 
gram limits for stainless steel weld 
metal, the standard 304 and the low 
carbon 304 materials should contain 
large amounts of ferrite when remelted 
by welding. The standard 347 should 
be borderline in this respect, and the 
two low carbon 347 heats should remain 
completely austenitic. Magnet tests 
of weld beads produced by tungsten 
are fusion (no filler added) corroborated 
these predictions. 

3. Based on check analysis of the 
deposits, the ferrite containirg elec- 
trodes fall in the proper order on the 
Schaeffler diagram. 

4. According to the generally ree- 
ognized role of ferrite as a crack- 
preventative, the wholly austenitic 
Type 347 heats (low C-low Cb and low 
C-high Cb) should crack severely; 
the standard 347 should be a border- 
line case; and the standard and the 
low C Type 304 heats should not develop 
cracks, 

In order to develop an amount of 
ferrite in the weld metal which is 
sufficient to prevent hot cracking, it is 
necessary to consider the Schaeffler dia- 
gram aspects of both the base metal 
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Fig. 5 Relative positions of 0, 4, 8, and 11% ferrite electrodes on Schaeffler constitution diagram for stainless steel 


and the electrode. A base metal which 
develops ferrite on direct remelting 
should be welded with electrodes of 
low ferrite characteristics. Conversely, 
the remelted pool of a strongly 
austenitic base metal must be un- 
balanced by dilution with electrodes of 
high ferrite characteristics. ‘The prob- 
lem is one of mutual weld metal-base 
metal dilutions, with adjustments by 
means Of a judicious choice of electrodes 
and welding conditions so as to produce 
a final weld pool chemistry which results 
in the development of primary ferrite 
during solidification. The use of 
strongly ferritic electrodes for all types 
of base metals (strongly ferritic or 
austenitic) is not a practical solution be- 
cause of the transformation of ferrite 
regions to sigma phase during heat 
treatment and service cycles. Because 
of the sigma problem the amount of 
ferrite which is deliberately introduced 
into the weld meta] should be kept to a 
minimum. 


Tests to Evaluate Hot Cracking 
Characteristics 


The various tests conducted to evalu- 
ate both the base metal and weld metal 
aspects of the hot cracking problem are: 
(a) noteh extension cracking tests of 
welds consisting entirely of remelted 
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base metal (tungsten are fusion weld*); 
(b) same as (a) for welds made with 
coated electrodes designed to deposit 
ferrite containing welds, 

The finger test® developed in a pre- 
vious investigation was used for this 
evaluation. Briefly, this test consists 
of depositing a bead weld across tightly 
compressed bars (Fig. 6). The junc- 
tion between the bars provides for the 
development of a gap (or a fixed condi- 
tion of notch) thereby simulating the 
stress and strain conditions imposed on 
a weld deposit solidifying in the presence 
of a transverse base metal crack. By 
varying the width of the fingers, differ- 
ent degrees of severity of weld straining 
(gap openings) may be developed; 
l-in. wide fingers (a severe test) were 
used, 

Table 3 summarizes the results of the 
“fixed” condition notch extension test 
evaluation. The description in Table 3 
of the type of cracking which resulted 
was based upon the average percentage 
of the bead width which cracked at the 
gap openings, as follows: 85° or more, 
great; 35 to 80%, large; 10 to 35%, 
moderate; 5 to 10%, small; less than 


* The term fusion welding as applied herein 
refers to the technique of producing a weld bead 
by fusing the parent material using inert-gas- 
shielded tungsten are equipment, without the 
addition of filler metal 
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Fig. 6 Welding jig for “fixed” condition notch extension Fig. 7 Notch extension crocks in |-in. finger width weld 


crack evaluation; finger test 


5%, trace. Figure 7 depicts the test 
results for the low C-low Cb Type 347 
heat, showing great, large and small 
cracking, respectively, for direct fusion, 
8° ferrite, and 11% ferrite welds 

Considering their respective positions 
on the Schaeffler diagram, fusion welds 
of the base materials should contain 
ferrite of the amounts noted in Table 3 
Accordingly, those materials with ferrite 
in the fusion weld should not hot crack 
while those without ferrite should crack 
For the severe notch extension condi- 
tions used, cracking was developed as 
predicted by the diagram. The pres- 
ence of approximately 5 and 7% ferrite 
in the fusion welded 304 heats effectively 
served to preclude the development of 
weld hot cracking in these compositions 
Consequently, the evaluation of notch 
extension cracking of welds made 
with electrodes depositing additional 
ferrite was considered needless for these 
heats. Finger tests of the 347 heats in- 
volving welds made with 8 and 11% 
ferrite electrodes revealed that the 
extensive weld cracking of the fusion 
welds was reduced by the use of ferrite 
containing electrodes but not entirely 
eliminated. This implies that, with 
the respective dilutions involved, crack- 
ing is not eliminated by the use of 
relatively high ferrite electrodes (8 and 
11%) for materials of the unusually 
high nickel contents (13.5 and 13.9%) 
which characterized the two low carbon 
347 heats. 

The variables associated with the de- 
velopment (or not) of notches in the base 
metal have been purposely eliminated in 
the above tests. Thus, the finger tests 
evaluate only the weld metal crack- 
ing characteristics under constant notch 
extension (mechanical) conditions. In 
order to evaluate the base metal crack- 
ing propensities of a given material, 
auto-cracking tests were conducted 
These consist simply of fusion and elec- 
trode welds on a 3 x 6 x I-in. section 
of the respective base material. For 
these tests, attention to grain structure 
is necessary, and the condition most 
susceptible to such cracking is that of 
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test of low C — low Cb Type 347 material. Note gap open- 
ing at bar junctions 


large columnar grains oriented trans- The type of base metal cracks de- 
ersely to the welding direction (LCT) veloped in the auto-cracking tests 
The standard and the low carbon 304 varied from those visible, as welded, at 
materials, which were only of a fine 30 & examination to cracks visible 
grain structure, offered no possibilities only at high magnifications. The ex- 
for comparison; however, for the other perience gained in the examination of 


materials, tests were conducted with the the auto-cracking specimens point to a 
two extreme grain and orientation con- greater difficulty with cracks in practice 
ditions—that most conducive to crack- than is generally recognized. Initially 
ing (LCT) and that least susceptible the examinations were restricted to 
fine). visual viewing and 30 X macroscopic 


Table 3—"Finger Tests” 


Fixed Notch Condition Tests of Notch Extension Cracking Characteristics (Bead on 1-In. 
Finger Specimens) 


Schae fler Fusion Cracking Cracking Cracking 
fusion head of of & A of 11% 
head crack ing fusion ferrite ferrite 
Vaterial ferrile, % pre dicted weld* weld* weld* 
Std. 304 5 None Trace 
(3. 0%) 
Low C 304 None Trace 
(3 OF 
Std. 347 : Moderate lrace Trace 
(14 4 1 0%) (1 0%) 
Low C - low Cb 347. 0 Cracks Gres Large Small 
O%) (® O%) 
Low C-high Ch 347 0 Cracks Cire Small Trace 
8 0%) (2.0%) 


* Based on average percentage of cracked bead widths formed in |-in. finger speeimens. 


Table 4—Results of Auto-Cracking Tests 


Cracking (a) due Cracking (a) due Cracking (a) due 
Plate lo fusion lo 4% ferrite lo 8 ferrite 
grain weld weld weld 
Vaterial size Base Weld Base Weld Base Weld 
Std. 304 Fine None None None None None None 
Low C 304 Fine None None None None None None 
Std. 347 LCT 18 (hb) 1 16 4 (ec) 
Fine None None 
Low C 347 LCT 39 25 45 (¢) 13 (e) 
(low Cb) Fine 48 38 26 45 11 (¢) 
Low C 347 LCT 52 (hb) 51 (b) 70 (e) 16 (e) 


(high Cb) Fine 71 ; 26 47 («) 6 


* Also severe longitudinal weld cracking aa shown in Fig. 10 

Nores: (a) Notch extension cracks were not visible to naked eye even on polished 
specimens. (b) Relatively large cracks visible as welded at 30 * magnification. (c) 
Hairline cracks visible only at 125 * magnification 
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Fig. 8 Small cracks in weld and base 
metal 


~ 
eck 
Fig.9 Severe cracks in weld and base metal 


viewing of the bead as welded. Dis- 
crepancies with the basic theory were 
developed; for example, the use of 
ferrite containing weld metal, by theory, 
should not eliminate the presence of 
base metal cracks in material susceptible 
to this behavior. The macroscopic 
viewing data, as above, indicated that 
such cracks were eliminated; however, 
more detailed examination at 125 * on 
polished surfaces of welds ground to the 
plane of the base metal showed that 
such cracks were present in agree- 
ment with the theory. These cracks 
were tightly compressed as the result 
of their failure to propagate deeply into 
the crack-resistant, ferrite containing 
weld metal, as would be predicted by 
theory. 4) 

Table 4 summarizes the results of 
the suto-cracking tests; these data 
include 125 X magnification evaluations. 
Examples of base and weld metal cracks 
are shown in Figs. 8 to 10. 


BASE METAL 


Fig. 10 Severe longitudinal cracking of 


l4-s 


lane 
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weld metal 


The following conclusions may be 
made from the results of the auto- 
cracking tests: 

1. Std. 304 and Low C 304. These 
materials show no tendency to develop 
base metal cracks; this may be ascribed 
to the combination of fine grain and a 
lack of fusible grain boundary constit- 
uents. In the absence of base metal 
cracks, there was no real test of the 
ability of the weld to resist notch ex- 
tension cracking; however, the finger 
tests indicated immunity to weld crack- 
ing, even for the case of fusion welds, 
due to the presence of ferrite in the 
remelted base material. 

2. Std. 347. Extensive base metal 
cracking was developed for the LCT 
tests (fusible grain boundaries oriented 
so as to be perpendicular to weld) 
The number of base metal cracks is not 
decreased by the use of ferrite containing 
electrodes; however, the number of 
weld metal notch extension cracks was 
decreased 50% by using the 8% ferrite 
electrode; the 4% ferrite electrode was 
not effective in this respect. 

No base metal cracking was developed 
with the fine grain material indicating 
that an effective dispersion of the 
grain boundary fusible constitutents was 
developed in this case as the result of 
the forging operation. In the absence 
of base metal cracking the conditions 
for the development of transverse weld 
metal cracks were eliminated and, there- 
fore, no weld metal cracks were observed. 

3. Low C — low Cb 347. This mate- 
rial developed approximately two times 
as many base metal cracks as the Std. 
347 when tested in the LCT orientation. 
The use of 8% ferrite electrodes again 
decreased the number of weld metal 
cracks by 50% while the number of 
base metal cracks remained unchanged. 

Effective redistribution of the fusible 
grain boundary material was not de- 
veloped by the forging operation. The 
number of base metal cracks was greatly 
increased, as would be expected due to 
the greater number of grain boundaries 
available for fusion; however, the in- 
dividual cracks were very short. The 
decreased length may be ascribed to a 
decreased concentration of the fusible 
constituents and also to grain boundary 
geometry effects. 

4. Low C — High Cb 347. The same 
comments as for the low C — low Cb 347 
can be made; however, there is a differ- 
ence in degree. This material clearly 
shows the highest susceptibility to base - 
metal cracking of the 347 group. As 
the result, it also demonstrated the 
greatest number of weld metal cracks for 
fusion type welds. As indicated pre- 
viously by the finger tests, the weld 
metal is strongly influenced by ferrite 
containing electrodes. The same 
marked effects of ferrite containing elec- 
trodes is demonstrated by the auto- 
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Fig. 11 Sequence for preparation 
of welded 0.505-in. specimens 


the use of 8% ferrite 
number of 


cracking tests 
electrodes decreases the 
notch extension cracks from 69 (fusion) 


to 6 


Tests to Evaluate Cracking during 
Heat Treatment 

To evaluate the hy pothesis that crack- 
ing during heat treatment involves stress 
rupture conditions, tensile 
with weld beads (Fig. 11) were cycled 
thermally while under loads approxi 
mating the high yield 
strength determined in short-time tests 


specimens 


temperature 


The welded specimen was designed to 
eliminate crater cracking in the test 
area. Two longitudinal weld 
(180° apart) were made on each speci 
men utilizing only the fusion welding 
The specimens were loaded 


beads 


techniques 
at room temperature and then subjected 
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Fig. 13 Summary of test results of fusion welded speci- 
mens cycled thermally to 1750” F holding temperature 
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Fig. 12 Constant stress rack used to test six specimens, and control equipment 


used to obtain specified thermal cycles 


to a thermal cycle consisting of heating 
at 150°4R/hr to holding temperature 
holding 6 br and cooling at 150° F/hi 

Figure 12 shows the stress rupture 
rack equipment with program heating 
Six specimens were tested 
in each run with the 
evele but with different stress levels A 


controllers 


same thermal 


timing device attac hed to each furnace 
provided a record of the particular phase 


of the heat-treating cycle in the event 
of premature failure of any one specimen 


Fig. 14 


ture (right) 


Stainless Steel Weldments 


\ spring-loaded pen attached to the end 
ol the lever arm was used to record 
the relative extensions obtained in the 
specimen during the test 


In these tests it was desired to deter- 


mine if yield point loading or leas (high- 
est stresses Which could be present in the 
weldments) in combination with the 


presence of small auto-cracks would 
result in fractures with either small or 
no appreciable deformation during spe- 


cific heat-treatment cycles. Short-time 


IIlustrating extensive deformation failures of prime 
plate hot tensile bars (left) and representative fusion 
welded specimens after thermal cycle tests as follows: 
completed cycle, no damage (2nd); completed cycle with 
deformation (3rd); ductile rupture (4th); low ductility rup- 


F 
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| 
—_ 
—_ 
— 
; 
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| 


tensile teste were conducted to deter- 
mine yield stresses at the various tem- 
peratures in the range of 1150 to 1750° 
F. The prime materials failed with 
extensive deformation at all temperatures 
in the short-time teste, 

The standard 347 and the low C ~ high 
Cb 347, both of which showed a tend- 
ency to develop auto-cracks, were in- 
vestigated initially in tests thermally 
cycled to a 1750° F holding tempera- 
ture. These test data are summarized 
in Fig. 13. The pattern of behavior 
observed in these teste ‘and in subse- 
quent tests at other holding tempera- 
tures) is shown in Fig. 14 which depicts 
representative specimens and Fig. 15 
which shows extension 
curves obtained at various stress levels. 
The significant feature of the test data 
is that low ductility stress rupture 
fractures were obtained for testa con- 
ducted at stress levels approximating 
the yield strength for the temperature 
of holding. Low ductility ruptures 
were classified on the basis of visual 
appearance of the specimen, the asso- 
ciated extension curves, and an approxi- 
mate value of 5% or less reduction in 
area, At high stresses (not practical 
to the case of residual stresses in weld- 
ments) extensive deformation de- 
veloped prior to fracture (ductile 
rupture); at low streases, the specimens 
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COMPLETED CYCLE 

Damace 


LEVER DEFLECTION (SPECINEN ELONCATION) 


Fig. 15 Representative extension 
curves obtained for welded 0.505-in. 
specimens in thermally cycled tests 


are cycled without apparent effect (no 
damage). A few highly stressed speci- 
mens displayed extensive deformation 
beginning in the heating cycle prior to 
reaching the holding temperature with 
ultimate rupture occurring just before 
or only slightly after reaching the hold- 
ing temperature (ductile rupture prior 
to hold). No instance of either ruptur- 


COMPLETED CYCLE 
DAMAGE 
COMPLETED CYCLE 


WITH DEFORMATION 347 


LOW DUCTILITY 
AUPTURE 


DUCTILE RUPTURE 


10 
LOW C-HIGH CB 


ing or deforming was observed to occur 
during the cooling cycle for specimens 
which completed the 6-hr holding treat- 
ment. 

The data suggest that cracks which 
become visible after heat treatment 
originate from flaws in the weld region 
and propagate by a stress rupture mech- 
anism which requires the presence of 
near-yield-point residual stresses in the 
weldments. This mechanism explains 
the reason for the development of long 
cracks in material which should be highly 
ductile according to conventional tests 
These data, in connection with previous 
data relative to the microscopic size of 
cracks which may be present in weld 
regions, explain the reported anomalies 
in practice, of cracks” prior to heat 
treatment and visible cracks following 
heat treatment. 

The equipment available precluded 
the evaluation of results conducted with 
holding temperatures higher than 1800° 
F. The cracking propensities of the 
low C — high Cb heat (the heat most 
susceptible to the development of auto- 
cracks) were consequently evaluated 
under simulated heat-treating condi- 
tions for holding temperatures of 1550 
and 1150° F. These data are sum- 
marized in Fig. 16. On the basis of 
tests conducted at stress levels approxi- 
mating the short-time, elevated temper- 
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Fig. 16 
temperatures as noted above 
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Summary of test results of fusion-welded low 
C=high Cb specimens thermally cycled to various holding 


gh STANDARD 304 


Fig. 17 


STRESS (KPSI) 


1550° F thermal cycle tests of fusion-welded 
specimens of materials susceptible to notch extension 
cracking (top and center) compared with tests of materia! 


not susceptible to notch extension cracking 
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yield strength (7000-8000 psi 


F, 15,000-16,000 psi for 


ature 
for 1750 
1550° F and 26,000--27,000 psi for 1150 


i significant! 


F holding temperatu: 
greater percentage of specimens tested 
ductility ruptures at the 
holding temperature than at 
at 1150° F 
Thus, the mech 
responsible for the development of low 


developed low 
1550° F 
1750° F; 
mens ruptured 


none of the speci 


ductility ruptures at elevated tempera- 
tures is indicated to be more operative 
at 1550° F than at 1750° F (10 low 
ductility ruptures out of 17 specimens 
tested at near-yield-point loadings at 
1550° F as compared to f out of 10 
tested at 1750° F) and, 
operative for the relatively short times 
(6 hr) at 1150° F (none out of 6 tested 
at 1150° F). Six of the specimens 
which completed the thermal cycle to 
1150° F holding temperature with no 
damage were retested at 1550° F and 
at a stress level of 16,000 psi. Of these 
six specimens, five developed low ductil- 
ity ruptures and one completed the 
cycle with deformation. Thus, the 
prior treatment at 1150° F was not 
effective in preventing the development 
of low ductility ruptures under the more 
onditions at 1550° | 

In order to provide additional evi 
ductility 
veloping at near-yield-point loadings in 


possibly not 


severe 


dence of low ruptures de 
specimens containing notch extension 
cracks, the second 347 heat susceptible 
to cracking low Cb heat) and 
the standard 304 material (not suscep- 
tible to notch extension cracking) were 
tested similarly to a 1550° F holding 
temperature. These data are 
in Fig. 17 to those of the low ¢ high 
Cb heat tested at 1550° F. For the 
number of specimens tested, it is seen 


low C 


ompared 


that in the absence of microscopic notch 
extension cracks, low ductility ruptures 
were not developed with the standard 
304 material 
however, low ductility 


For both 347 materials, 
ruptures are 
obtained at near \ ield-p yint loadings in 
the presence of microscopir notch ex- 


tension cracks 


Summary and Conclusions 


The difficulties encountered in the 
welding of heavy sections of Type 347 
stainless steel have appeared complex 
Different heats 


material ‘ve! though 


and difficult to explain 


of 347 mide 


January 1956 


Puzal 


ipparenth\ to the me spec ification) are 


found to vary wid with respect to 
su eptibility to cracking foth shop 
welding and field welding have resulted 
it evert racking of heavy section 
Type 347 stainless steels. This investi 
gation reported herein was designed 


information regard- 
f crack 
formation and propagation in heavy se 

tions of Type 347 stainless steel The 
various typ of cracking which are 


} 


to provi yeneral 


ing the i! mechanisms 


encountered 


in the welding of this mate 
rial have been divided into two general 
classes as follows 

1) Base-metal and/or weld metal 
cracks developed immediately after the 
completion of welding 

(2 Low ductility cracks developed 
during or as the result of heat-treating 
cycles employed on completed welded 
assemblies which were observed to be 
free of cracks by 
procedures 


rhe de cracks im- 


after welding has been related 


standard inspection 


velopment of 
mediatel) 
to the same factors which determine the 
hot tearing of castings Simple labora 
tory welding tests have been presented 
valuation of the hot-cera king 
With 
respect to weld metal hot cracking, the 
eal the effectiveness 


for the e 
propensities of various materials 
data presented re 
of suitable ferrite contents in the weld 
deposit to minimize the weld metal hot- 
crn king pl iblem Such an eflect of 
ferrite to minimize stainless weld crack 
ing has long been recognized and used in 
Thus, these 
data are not intended to be taken as 


general welding practice 


new or startling evidence of a method 


to minimize stainless weld cracking 
The test data 


statistical evidence that the more highly 


however, do present 


austenitic the material (on the basis 


of the Schaeffler stainless steel constitu 
tion diagram) the greater the ferrite con- 
tent required for an effective minimiza 
tion of weld cracking. Thus, Sand 11° 
ferrite containing electrodes may not be 
fully effective in eliminating completely 


weld cracking in highly austenitic com- 


positions, whereas for slightly austenity 
compo itions. these electrodes ma be 
in @xe f the amount required to 
eliminate weld cracking 

With eapect to the tainles« tee} 


vwidition ol 


of the amount to the 


base metal pemg welded 


rerritu egardiles 


el al Steel Weldment 


Slainte 


weld deposit have no effect in prevent- 
metal hot cracking. Experi- 
er gained in conducting laboratory 

ito-cracking tests of various stainless 
indicated that routine 
are not adequate 


spection procedure 
for the detection of fine, hairline base 
metal cracks. In a manner similar to 
the hot tearing of castings, such base 
metal cracks have been related to the 
liquation of fusible grain-boundary 
The heavy casting 
which give the 


sevregate regions 
and forging sections 
greatest trouble with respect to base 
metal cracking tend to be extremely 
COATSe grained 
which are conducive to the formation of 
grain-boundary segregates No attempt 
was made in this investigation to iden- 
tify the elements ind composition of the 
egregate regions deemed to be respon- 


ind provide conditions 


sible for base metal cracking. 

By means of thermally cycled, simu- 
lated stress-rupture type tests, the de- 
elopment of low ductility ruptures at 
elevated temperatures has been shown 
to be possible at both 1550 and 1750° I 
microscopic 


for material containing 


notch extension cracks when accompa- 
ield-point stresses for the 
temperature involved The thermal 
cycle (simulating production heat-treat- 
ing eveles of heavy section weldments) 
sufficient duration 80 as to 


med by neal 


Wi not ol 
exhibit in these materials similar low 
duetilit when the holding 
temperature was limited to 1150° F, 
rhe exact temperature range over which 
the stress 


tive was 


rupture 


rupture mechanism is opera- 
not determined in this investi- 
gation. The knowledge of production 
difficulties of this nature with Type 347 

it temperatures of 1350 and 
would infer that such a mech- 
anism is operative at least in the range 
of 1350 to 1850 °F. The variability 
in the cracking propensities of different 
heats of Type 347 material is attrib- 
uted to the development or dispersion 


materials 
1850 | 


of fusible evregate regions 48 the result 


of melting or processing variables 


hiclerences 
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THE FORMATION OF AUSTENITE IN PLAIN 
CARBON STEELS AT HIGH HEATING RATES 


Ultra-high-speed pyrometry and conventional metallurgical 


lechniques used lo study the formation of austenite in plain 


ABSTRACT. The formation of austenite 
in plain carbon steels at heating rates of 
2000 to 20,000° © per second was studied, 
using ultra-high-speed pyrometry as well 
as conventional metallurgical techniques 

Thin strips were heated rapidly by pass- 
ing electric current longitudinally through 
them. The instantaneous temperature 
was measured by means of a lead sulfide 
photoconductive cell A reeord of the 
temperature-time eyele undergone by the 
specimen was obtained by photographing 
the trace on a cathode-ray oscillograph 

The effects of heating rate and prior 
structure upon the mechaniem and prog- 
ress of austenite formation were studied 
Changes in beating rate within the range 
studied were found to have no appreciable 
effects Prior structure, however, was 
found to be very significant, both with 
regard to the manner and the rate at which 
austenite formed 


Introduction 

Conventional heat treatment of steel 
assumes thorough austenitization, so 
that a homogeneous structure is ob- 
tained before the quenching or controlled 
cooling operation. However, there are 
many instances when this is not the 
case, either because the austenitizing 
temperature is too low, or the time too 
short to get complete homogenization. 
When steel is electric resistance spot 
welded the heating rates are so fast, and 
the times so short, that homogeneous 
austenite is produced only in the area of 
the heat-affected zone that is heated to 
a very high temperature, if it is produced 
at all, 

This work was undertaken to study 
the formation of austenite in plain car- 
bon steels during thermal cycles similar 
to those found in the heat-affected zone 
of a spot weld, with heating rates of 
2000 to 20,000° C per second, and aus- 
tenitizing times of the order of '/'9 of a 
second 
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carbon sleels at heating rates of 2000 to 20,000° C per second 


Prior Work 


Considerable work has been done by 
other investigators on the formation of 
austenite under conditions of slower 
heating. Arnold and MeWilliams' first 
reported that austenite formed by a proc- 
ess of nucleation and growth on heating, 
while Andrew, Rippon, Miller and 
Wragg,? Lundgren,’ and Mirkin and co- 
workers’ noted that residual carbides 
were present after the complete dis- 
appearance of pearlite. The effect of 
initial structure was shown by Portevin 
and Bernard® and Jungbluth.' 
investigated the effect of temperature 
on the rate of the transformation. 

Hultgren® noted the effect of hetero- 
geneity on the formation of austenite, 
and observed that austenite nodules 
tend to be elongated in the forging di- 
rection. Walldow® recorded the loca- 
tion of austenite nuclei with respect to 
prior structure. Grossman" and Daven- 
port and Bain'! described the nucleation 
of austenite in hypoeutectoid steels and 
recognized the effects of the rate of 
nucleation and of growth on the “initial” 
grain size of the austenite. 

Subsequently, considerable work has 
been done concerning the effect of heat- 
ing rate and prior structure on the aus- 
tenitic grain size.'"? However, there is 
much conflicting data, and Digges and 
Rosenberg" have shown that there are 
no consistent effects of heating rate and 
prior structure on the austenitic grain 
size that hold for all steels and all tem- 
peratures. 

Much work has also been done on 
over-all rates of austenitization and 
homogenization, and the effects of in- 
homogeneities on subsequent transfor- 
mations." Of particular commercial 
interest has been the induction heating 
process, and the effect of thermal cycles 
produced in commercial induction heat- 
ing." 

The prior structure has been shown to 
have considerable effect on the manner 


Jones’ 


Austenite Formation in Steels 


formation 


and kinetics of austenite 
Digges and Rosenberg" reported that, 
with a pearlitic prior structure, nuclea- 
tion preferred to occur at a pearlite- 
ferrite interface, or at a pearlite-pearlite 


interface. They also found some nu- 
cleation in the middle of pearlite areas. 
Baeyertz” found that austenite pre- 
ferred to grow parallel to the pearlite 
lamellae, so that, in the absence of 
coarsening, the structure 
elongated and irregularly shaped grains. 
She also reported that austenite did not 


contained 


readily grow across the pearlite colony 
boundaries. On the other hand, Rob- 
erts and Mehl® found no directional 
preference in pearlite. 

Digges and Rosenberg” noted that 
carbides disappeared from  untrans- 
formed areas in a partially austenitized 
pearlitic structure. 

In the case of formation from a sphe- 
roidized structure, the generally accepted 
view is that austenite nucleates at 
carbide-ferrite interfaces, completely 
surrounding each carbide particle, and 
then grows radially out into the sur- 
rounding ferrite. If the over-all carbon 
content is low, the carbide particles 
completely dissolve before all of the 
ferrite is consumed by the advancing 
austenite. If the carbon content is 
higher, the ferrite will be completely 
transformed before the carbides 
appear. The carbides will then con- 
tinue to dissolve in the austenite, in- 
creasing its carbon content. Even 
after the carbides have been completely 
dissolved, considerable carbon gradients 
still exist in the austenite, which must 
be subsequently leveled out by diffusion 
These carbon gradients have been re- 
ported ar “ghosts” by Ellis." 

Baeyertz"” noted that austenite pre- 
ferred to nucleate at the interface o! 
cementite particles that were in the 
ferrite grain boundaries. Roberts anc 
reported that in spheroidized 
high-carbon steels with finely dispersed 
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carbides nucleation does not take place 
at every particle, but instead, a single 
austenite grain may grow to surround 
many particles before nucleation occurs 
on them. 

They also found that the isothermal 
growth rate of an austenite nodule in 
fine pearlite was constant with time, but 
increased very rapidly with an increase 
In the 
case of pearlitic prior structures, they 


in transformation temperature 


found that the growth rate was higher: 
the finer the pearlite spacing 

Nehrenberg™ found a very strong 
tendency for the general morphology of 
the austenite to be similar to that of the 
prior structure. Acicular prior stru 
tures produced acicular growth of aus 
tenite, and equiaxed prior structures 
produced equiaxed austenitic patterns 
He concluded that austenite refrained 
from crossing ferrite grain boundaries, 
completely transforming one ferrite 
area before growing into another 

Several investigators have studied the 
effect of rapid heating—-up to several 
hundred degrees per second-—-on the 
formation of austenite 

Tran and Osborn®! reported that the 
carbide particles dissolved more rapidly 
when a steel was rapidly heated by in 
duction than when heated in a furnace 
This effect was attributed to the higher 
electrical resistivity of carbide than of 
Other 
investigators,** however, have not found 
this to be the case. 

Recently, Feuerstein and Smith® re- 
ported an investigation of the effect of 
high heating rates on the critical tem- 
peratures of several steels. They heated 
long, thin specimens by electric resist- 
ance and used an open-circuit thermo- 


ferrite, causing local heating 
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couple for temperature measurement 
For slower heating rates, they used a 
recording dilato eter, whereas resis 


tivity was measured as a tunction ol 


temperature or the faster heating rates 


They found « nsiderable elevation ol 
the critical temperatures with increased 
heating rates For instance, at a heat 


ing rate of 550° © pet second thev found 


the follow ing 


Slee 

1020 (annealed S20) 

1080 (annealed 700 BOD 

1150 (annealed 
1130 (quenched and tem 

pered 1250° } 
1130 (quenched and tem 

pered-—400° F) RO 


Rilender®* and Lguchi® also measured 
the effect of heating rate on the eritical 
Instead of using a ther 


mocouple to measure the temperature 


temperatures 


the latter author determined it by meas 
uring elongation and calibration with 
temperature-elongation measurements 
They reported that at heating rates of 
100 to 300° C per second a 0.9407) cat 
bon steel had an A, temperature of ap 
proximately 900° © and an A,,, tem 
perature of about 920° C 


Apparatus and Procedure 


Very high heating rates were pro 
duced in thin strip specimens by passing 
longitudinally 


alternating current 


through them This current was sup 
plied from the transformer of a 40-kva 
spot welder. A commercial spot-weld 
control in the primary circuit was used 
to control the length of the current 


pulses. The magnitude of the current 
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Fig. 2. Bridge circuit 
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both the tap setting 
r prumary and adjust- 
ment of the phase shift circuit in the 


velder control 

Electrical connection to the strips was 
made | umping each end into a mas- 
sive copper electrode. The top elec- 
trode is mounted directly to the top 
horn of the ot welder. The bottom 


electrode floated in a bath of mereury, 
the outside of which was connected to 
the bottom horn of the spot welder. 
This mercury flotation system was used 
to minimize stresses produced by ther- 
mal expansion of the specimen, This 
whole assembly was enclosed in an air- 
tight brass box 

The instantaneous temperature of 
the strip was measured by means of a 
lead sulfide photoconductive cell, This 
mounted in a water bath to 
maintain a constant temperature, and 
was sighted on the center of the heated 


strip through a water cooled sighting 


tube that passed through one wall of 


cell was 


the brass specimen enclosure, A cross- 
sectional view of the enclosure is shown 
in Fig, 

Radiation changes the electric re- 
sistance of such a cell, which was made 
one arm of a modified wheatstone bridge 
(Fig. 2) (n audio-frequency sine wave 
of approximately 2700 cps was gener- 
vave oscillator, amplified, 
and put across the bridge, which was 
balanced to give a null indication with 
the specimen at room temperature. 
When radiation fell upon the cell, 
changing its resistance, the bridge be- 
came unbalanced. ‘This unbalance, or 
output, from the bridge was amplified 
and then fed onto the vertical deflection 
plates of a cathode-ray oscillograph, A 


ated by a sim 
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Fig. 3 Typical calibration curve 


linear sweep voltage was applied to the 
horizontal deflection plates to give a 
time base. The oscillograph screen was 
photographed to produce a record of the 
deflection-time cycle. 

The deflection was calibrated as a 
function of temperature under steady- 
state conditions by comparison of os- 
cillograph deflection with the tempera- 
ture measured on the back of the strip 
by means of an open-circuit thermo- 
couple of No, 30 chromel and alumel 
wires. A typical calibration curve of 
oscillograph deflection versus specimen 
temperature is shown in Fig. 3. 

To minimize surface heat losses and 
conduction down the wires, a second 
strip was mounted '/,, in. behind the 
first and parallel to it. Hqual current 
passed through the two strips and, be- 
cause of their proximity to one another, 
a series of isothermal planes were pro- 
duced between them. It was possible 
to adjust the position of the thermo- 
couple leads so that they remained in an 
isothermal zone for several millimeters. 
As a result of this procedure, no cold 
spots were visible where the thermo- 
couple leads were welded to the strip, 
indicating that the thermocouple was 
at the temperature of the specimen. 
Figure 4 is an exploded view of the dual 
calibration specimens, sighting tube and 
electrodes, 

Since there were several electronic 
components in the measuring system a 
certain amount of instability or drift 
was expected with time. In addition, 
the sensitivity of the lead sulfide cell 
was very dependent upon ambient tem- 
perature, changing approximately 5° 
per centigrade degree. Because of these 
factors, the apparatus was calibrated 
each time that it was used. This in- 
volved a series of pictures of oacillo- 
graph deflection for different steady- 
state temperatures with each group of 
perhaps a half dozen specimens. 

In order to prevent oxidation of the 
steel strip, the brass box was first evacu- 
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Fig. 4 Exploded view of mounted dual 
calibration specimens 


ated and then a small quantity of hydro- 
gen was leaked in while pumping con- 
tinued. The amount of hydrogen pres- 
ent was not large enough to absorb a 
significant amount of radiation from the 
specimen, nor was it enough to cause 
appreciable heat loss by convection. 

In addition, a copper tube came 
through the box directly behind the strip 
through which hydrogen could be passed 
for gas quenching. The quenching gas, 
at 10 psig pressure, was controlled by 
a solenoid-operated valve which was 


Fig. 5 Sample oscillograph photo 


men was being heated by 60-cycle alter- 
nating current, with a current pulse 
every 120th of a second, between which 
the specimen cooled down slightly. 
Further details of the apparatus may be 
found in @ previous paper.” 


Materials 


Three different plain carbon steels 
were used in this investigation. All 
were received as strip in a spheroidized 
condition. Chemicalanalyses and thick 
nesses of the strips are given below: 


Steel Thickness, 
designation in ¢ 
A 0 002 0 11 
B 0 007 0 82 
C 0 002 1.20 


Vn Si S P 
0 42 Ol 0 039 0 010 
0.83 0 28 0 050 0 025 
0.35 0 23 0 023 0 022 


opened a controllable time after the 
current had passed through the speci- 
men, This valve was operated by the 
spot weld control through connections 
ordinarily used to operate the valve to 
actuate the upper electrode assembly. 
Even with the weld control adjusted for 
minimum delay, there was some time 
(about 0.06 sec) between the time that 
the heating current stopped flowing in 
the specimen, and the actual start of the 
hydrogen quench. During this time 
the specimen was cooling slowly, by 
comparison, A typical oscillograph pic- 
ture showing the rapid heating, slow 
cooling and then rapid cooling is shown 
in Fig. 5. 
ture-time cycle that this represents 
The accuracy of temperature meas- 


Figure 6 shows the tempera- 


urement by use of this apparatus was 
approximately + 10° C, when calibrated 
against a chromel-alumel thermocouple. 
The response time of the lead sulfide cell 
is estimated by the manufacturer to be 
about ten microseconds, which is of the 
same order of magnitude as the response 
time of the electronic components of the 
measuring circuit. An indication of the 
speed of the system is the presence of 
the saw-tooth on the heating portion of 
the recorded thermal cycle. This saw- 
tooth was due to the fact that the speci- 
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The strips were cut to specimens ap- 
proximately '/, by 1'/, in., which were 
then sealed in evacuated tubes of Pyrex 
or Vycor, and given preliminary heat 
treatments to establish a prior structure 
for the subsequent rapid austenitization. 
The preliminary heat treatments were 
as follows: 


Heat 
Steel Structure treatment 
 Spheroidized 710° C, 1 br 
4 Coarse pearlite 850° C, 1 hr 
furnace cool 
\ Fine pearlite 850° C, 1 he 


air cool 
710° C, 1 he 
950° C, 1 her 

transformed 

isothermally 


B Spheroidized 
B Coarse pearlite 


at 715° C 

B Fine pearlite 950° C, 1. he 
air cool 

B Martensite 950° C, 1 br 
water quen h 

Cc Spheroidized 710° C, 1 he 


Metaliographic Study of Austenite 


Formation at High Heating Rates 
Above the A, 


temperature the reaction 


Ferrite (saturated with carbon 
Cementite — Austenite (0.8°) carbon 
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Fig. 6 Temperature-time cycle cor- 
responding to Fig. 5 


tends to proceed to the right. This re 
action occurs by a process of nucleation 
and growth, with nuclei of austenite 
forming at ferrite-cementite interfaces 
The important phases of austenite for 
mation at moderate heating rates have 
already been discussed 

If we consider an original structure 
consisting of cementite particles in a 
matrix of ferrite, at a temperature just 
above the A, temperature, the carbon 
distribution can be schematically repre 
sented as in Fig. 7, assuming that an 
austenite nucleus has been formed. As 
the reaction proceeds the austenite 
cementite interface moves to the left 
and the austenite-ferrite interface moves 


Fig. 8 Growth of austenite in a prior structure of fine 


pearlite 


to the right The concentrations at 
the interfaces are fixed by the equilib- 
rium diagram, so that the carbon con- 
centration gradient in the austenite de- 
creases as the amount of austenite pres- 
ent increases 

If a structure such as is depicted in 
Fig. 7 is quenched rapidly to room tem- 
perature, each area will behave accord- 
ing to its local composition, Cementite 
and ferrite remain unchanged during 
cooling. However, the austenite trans- 
forms, if the cooling rate and carbon con- 
tent are sufficiently high, to martensite 
or martensite and retained austenite 
Metallographic study of rapidly quenched a 
samples will thus give an_ indica- 
tion of the progress of the high-tempera- DISTANCE FROM CENTER OF 
ture austenite reaction, as the morphol CEES PANTONE 
ogy of the as-quenched structures will 
be identical with that of the specimens 


Fig. 7 Carbon distribution just above 
the A, temperature 


before quenching, except that regions transformed, surrounding islands con- 


taining tempered martensite and re- 
tained austenite, before growing inward 
to consume them Areas of previously 
retained austenite did not seem to have 


that were austenitic have been trans 
formed to martensite 

A number of specimens with different 
prior structures were examined metal 


lographically after being very rapidly any appreciable influence on the reac- 


tion Areas of new austenite did not 
appear inside these islands until a con- 
siderable amount of transformation had 
occurred at the boundaries, despite the 
fact that an appreciable amount of 
Pearlitic Prior Structures previously retained austenite was pres- 


heated to temperatures where the aus 
tenite reaction had been partially com 
pleted, in order to study the effeet of 
prior strueture on the manner in which 
austenite formed under these conditions 


In the case of completely pearlitic ent (see Fig. 9 
prior structures nuclei appeared to be Prior Structures Consisting of Ferrite and 
distributed randomly throughout the Pearlite 
pecimen These nuclei grew in a nearly Specimens of Steel A, with pearlitic 
areas surrounded by ferrite, were also 
examined metallographically The pearl- 
ore slowly 
more slowly itic areas were found to transform indi- 
Martensitic Prior Structures vidually, and over a narrow tempera- 


spherical manner (Fig. 8), as was found 
by Roberts and Mehl" for steels heated 


When the prior structure was mar ture range After they had trans 
tensith austenite tended to form in formed to austenite that new austenitic 


areas where austenite grain boundaries area grew radially into the surrounding 


had resided previously These areas ferrite 


Fig.9 Growth of austenite in a prior structure of martensite 
plus retained austenite 


The lighter areas are regions that were reaustenitized. Darker areas 


The light-etching areas are martensite, which was formed upon rapid are regions of martensite and retained austenite that were tempered 


cooling of high-carbon austenite Steel 8. WNital etch x 500 during the thermal cycle Stee! B Nital etch 4 400 
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Fig. 10 Nonisotropic growth of austenite 
Dark-etching areas are martensite formed on rapid cooling of high- 
carbon austenite. Austenite grew into ferritic matrix after nucleation on 
Steel A. Nital etch, X 1000 


surface of carbides. 


The transition region of several 
specimens was examined, This was the 
area of the specimen between the copper 
electrodes and the area that was heated 
uniformly to the maximum temperature. 
The temperature gradient in this transi- 
tion zone was quite uniform, and metal- 
lographic examination along it presented 
a continuous picture of the variation of 
structure with maximum temperature. 
No noticeable acceleration or decelera- 
tion of the growth rate of the high- 
carbon previously pearlitic areas into 
the matrix was noticed as the matrix 
changed from ferrite to low-carbon 
austenite. 


Spheroidized Prior Structures 

The formation of austenite in sphe- 
roidized prior structures at these heat- 
ing rates was very interesting. Aus- 
tenite nuclei appeared at the ferrite 
cementite interface, and did not show 
any preference for formation at points 
where the interface was joined by 
ferrite-ferrite grain boundaries, as has 
been reported by Baeyertz" for steels 
heated much more slowly, 

Nuelei formed on each carbide par- 
ticle before nuclei from adjacent par- 
ticles had grown so as to surround them. 
This was true for all three steels, and 
indicated a higher nucleation rate to 
growth rate ratio under these conditions 
than was reported by Roberts and Meh|'* 
for finely spheroidized high-carbon steels 
austenitized at lower temperatures. 
However, the austenite did not immedi- 
ately completely surround the cementite 
particles and then grow radially, as 
found in slowly heated structures. Ln- 
stead, it preferred to grow out along a 
ferrite-ferrite grain boundary, or to grow 
in an acicular manner into the ferrite. 
This is shown in Figs. lO and 11. This 
is in distinet contradiction to the con- 
clusions of Nehrenberg,” who reported 
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Fig. 11 


of carbides. 


Nonisotropic growth of austenite 
Dark-etching areas are martensite formed on re ‘4 cooling of high-carbon 


austenite. Austenite grew into ferritic matrix after nucleation on surface 
Steel A. Nital etch. X 1000 


that ferrite grain boundaries acted as 
barriers to austenitic growth. In addi- 
tion, acieular growth into the ferrite 
seemed to follow certain crystal planes, 
as evidenced by parallel growth from 
several nuclei in the same ferrite grain. 
It is doubtful whether this growth mor- 
phology could be attributed to a prior 
acicular structure, as the strip had pre- 
viously been drastically cold rolled and 
then annealed. At higher temperatures 
and greater amounts of transformation, 
this exaggerated nonisotropic growth 
assumed less importance, and radial 
growth became predominant. 

Carbides persisted in spheroidized 
specimens of all steels, including the 
low-carbon Steel A, even when heated 
to very high temperatures. However, 
specimens that were heated to these 
high temperatures (around 1050° C) 
had light-etching areas surrounding the 
partially dissolved carbides, as shown in 
Fig. 12. It is believed that these were 
areas of retained austenite, resulting 
from the rapid cooling of austenite with 
a very high local carbon content. 


The Transformation of Ferrite to Low-Carbon 
Austenite 

By examination of the morphology of 
the matrix in partially transformed 
specimens of Steel A (low carbon) it was 
possible to determine when the ferritic 
matrix transformed to low-carbon aus- 
tenite. Upon subsequent cooling, the 
low-carbon austenite transformed back 
to ferrite. However, an area that had 
gone through this double transformation 
had a final ferrite grain size that was 
quite small in contrast to the large grain 
size of the ferrite in the original spheroid- 
ized structure. This transformation of 
ferrite to low-carbon austenite was found 
to occur at approximately 910° C, in- 
dicating that there was no appreciable 
superheating of this reaction, even at 
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these very high heating rates. It was 
impossible, however, to determine the ex- 
tent to the reaction, that is, whether 
it had gone to completion, or whether 


it had been only partially completed. 


Kinetics of Austenite Formation 
Temperature of Nucleation 

The temperature at which the first 
nuclei appeared was investigated in 
previously spheroidized specimens of 
Steels A and C by metallographic ex- 
amination of a series of specimens that 
had been heated to different maximum 
temperatures. It was found that nuclei 
first appeared when temperatures in the 
range of S15 to 835° C were reached 
This investigation was repeated for three 
different heating rates in the range 2000 
to 20,000° C per second. Variation of 
the heating rate in this range was found 
to have no effect upon the nucleation 
temperature, 

High-speed thermal analysis was pos- 
sible when heating rates of about 2000° 
C per second were used, as this was slow 
enough so that the thermal effects of 
the transformation were not masked by 
the intermittent heating caused by the 
60-cycle heating current. 

Figure 13 shows the temperature 
ranges in which the first signs of a ther- 
mal arrest appeared for the various 
specimens. It is evident that prior 
structure had a very marked effect upon 
the thermal behavior. In Steel B, the 
prior structures with the coarser car- 
bide distributions showed thermal arrests 
at the highest temperatures. 


Progress of the Transformation 
Measurements of the total amount of 
transformation as function of maximum 
temperature were made on spheroidize: | 
specimens of Steels A and C by linea! 
analysis. The results of these meas 
urements are shown in Figs. 14 and 15 
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Because of the fineness of the structure 
these measurements were not very pre- 


cise, and the data showed considerable 
Three different rates of heat- 
ing were explored, ranging from 2000 to 
20,000° C per second, and no significant 
effect of heating rate could be found in 
that range 

The difference in carbon content, and 
thus the number of nucleation sites, had 
a large effect upon the amount of trans- 
formation at any given temperature, as 
shown in these figures 

It was thought that hardness meas 
urements might be used to give an indi- 
cation of the extent of the austenite re- 


scatter 


action. Microhardness impressions were 
made in a number of samples of Steel C 
that had been previously spheroidized, 
using the Knoop indenter and a load of 
100 g. 
ness as a function of the peak tempera- 
ture. Much of the these 
values was due to the duplex or triplex 
nature of the partially 
with local areas of 


Figure 16 shows the microhard 
scatter in 


transformed 
specimens widely 
differing hardnesses 

The prior structure was found to have 
an appreciable effect upon the rate at 
This is 


17, whi h shows rep- 


which the reaction proceeded 
illustrated in Fig 
resentative temperature cycles for speci- 
mens with several different prior struc- 
tures. 
structures had 


The specimens with coarse prior 
effects that 


spread over a wide range of tempera- 


thermal 


tures, while thermal analysis of the finer 
prior structures indicated that the trans 
formation absorbed a large amount of 
heat 


causing a marked decalescence in the 


almost instantaneously, actually 
case of fine pearlitic structures 
Hardness measurements of a number 
of specimens of Steel B with prior struc- 
tures of fine pearlite and martensite con- 
firmed that the transformation oecurred 
over a very narrow temperature range 
As an example microhardness as a fune- 


tion of peak temperature for samples 
prior structure is 
shown in Fig. 18 particular 
data were taken from work done imcon- 
junction with Dr. Walter E. Littmann” 
on samples of 52100 steel. Similar be- 


with a martensitic 


These 


havior was found in the case of our Steel 
B. This figure also shows the appreci- 
able tempering effect in the area that 
did not reaustenitize, even in the case of 
these very rapid thermal cycles 


Summary 
Metallographic study of partially 


austenitized specimens showed that 
under conditions of very high rates of 
heating, austenitic growth was very 


structure-sensitive. Growth in pearl- 
itic prior structures was roughly spheri- 
cal. Prior structures of martensite plus 
retained austenite exhibited a tendency 
transformation in areas that 
prior 


Spheroidized 


toward 


had apparently been austenitic 


grain boundanes prior 


structures showed a preference for two 


types of nonisotropic growth in the 


early stage of austenite formation 
rapid growth along ferrite grain bound 
iries, and acicular growth into the fer 
rite This effect decreased as the re 
action progressed 

Variation of the heating rate in the 
range of 2000 to 20.000 


did not have any measurable effect. upon 


per second 
the temperature at which austenite 
nucleated, nor did it effect 
upon the amount of transformation at- 
tained by 


have any 
heating to any given maxi- 
mum temperature. 

The prior structure had considerable 
influence upon the temperature of the 
onset of the reaction, and also upon the 
rate at which it proc eeded The coarser 
prior structures did not transform until 
higher temperatures were reached, and 


they also transformed over a range of 
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COARSE PEARLITE 


FINE PEARLITE 


STEEL B 
SPHEROIDIZED 


COARSE PEARLITE 
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MARTENSITE 
STEEL C 
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Fig. 12 Retained austenite surrounding carbides 


Retained austenite, light-etching, surrounding carbides, also light-etching 


in areas of martensite, dark-etching 


A. WNital etch. X 1500 
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temperatures, whereas in the case of the 
finer structures, once nucleation started 
the reaction proeeeded very rapidly. 


Discussion 

This work produced no indication that 
high heating rates increased the rate of 
as had been re- 
ported by Tran and Osborn.”' Instead, 
undissolved carbides were found to per- 
sist to very high temperatures. It ap- 
pears as though high heating rates, per se, 
have no significant effect, except to sup- 
press the nucleation of austenite until 
temperatures much higher than normal 
were reached 

The prior structure was found to have 
considerable influence on the tempera- 
ture of the onset of the reaction. In the 
case of the eutectoid steel (Steel B), the 
coarser prior structures did not trans- 


solution ol carbides, 


form until they reached higher tempera- 
tures than were required for the nuclea- 
This dif- 
mewhat puzzling, since 
in all cases, except perhaps the marten- 
ind probably there 
structure consisted of 
cementite and ferrite. 
We generally consider nucleation to be a 


tion of the finer structures. 


ference wa 
itic prior structure 
also the 


V0 ph 


prior 
only 
very small seale phenomenon occurring 
at a 
intertace It 


ilong ferrite-cementite 
difheult to believe that 
small area is de- 


point 


the behavior of one 
pendent upon the total amount of inter- 
facial area in the rest of the specimen, 
One would prefer to believe that the be- 
havior of a small area depends only upon 
its own local conditions, surface ener- 
gies, compositions, temperature, ete, 

The behavior of samples with a mar- 
structure indicated that 
there was a “memory” effect That is, 
the steel tendency toward 
nucleation and growth in areas where 
grain boundaries had been 


tensity 


showed it 
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Fig. 14 Percent transformation versus peak temperature. 


Steel A, spheroidized prior structure 


previously, The explanation of this 
effect is probably that there was formerly 
a difference in composition between the 
austenitic grain boundary areas and the 
interior of the austenite grains. This 
difference was retained by quenching, 
and caused those areas to have effective 
nucleation temperatures lower than that 
of the rest of the material 

The effect of prior structure on the 
nucleation temperature might also 
be explained in terms of the effect 
of local chemical composition. There 
might well be a difference in the parti- 
tion of alloying elements between the 
carbide and ferrite phases between the 
Various specimens The conditions for 
the production of a spheroidized prior 
structure should produce partition value 
much closer to those corresponding to 
equilibrium conditions than would be 
the case with a structure formed by 
rapid cooling from the austenitic region. 
In addition, the equilibrium partition 
values might be expected to be a funetion 
of temperature, and since the various 
structures were formed from austenite 
at different temperatures, this might 
also cause composition differences. 

At first glance, there appears to be a 
contradiction between the thermal anal- 
ysis data for Steel A and Fig. 14, which 
was based on metallographic evidence 
The difference between the temperature 
of reaction indicated by the metallo- 
graphic studies and the thermal analysis 
was due to the fact that this type of 
thermal analysis is sensitive only to the 
rate of reaction, and not to the amount 


of reaction. The samples of Steel A 


showed leas heat evolution than those of 


1000 1100 
(°C). 
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Steel B because the total amount of car- 
bon was less. Also, as shown in Fig 
14 and 15, the reaction proceeded more 
slowly in Steel A than in Steel B, due 
to the smaller number of carbide par- 
ticles upon which nuclei could form, 
and the greater interparticle distance. 
The reaction rate did not become high 
until the specimens had been heated to 
a temperature appreciably above the 
actual nucleation temperature. Be- 
cause of this and the fact that the total 
amount of heat evolution was low, the 
thermal analysis data for Steel A did 
not give an accurate indication of the 
true nucleation temperature 

In addition, the thermal arrest data 
of Fig. 13 appears to indicate that the 
effect of prior structure in the case of 
Steel A contradicted that found for 
Steel B. However, it should be pointed 
out that a sample of Steel B heat treated 
to produce coarse pearlite, for example, 
had a microstructure showing approxi- 
mately 100°, coarse pearlite. On the 
other hand, a sample of Steel A that 
was heat treated to produce coarse 
pearlite had a structure that consisted 
o! small patches of coarse pearlite sur- 
rounded by ferrite, since the total car- 
bon content was only O.11°). This 
structure, which consisted of high-car- 
bon areas in a low-carbon matrix, could 
be expected to behave in quite a different 
manner from structures with a uniform 
carbon distribution. 

Pearlite formed from a hypoeutectoid 
steel on fast cooling has a lower carbon 
content, as well as a finer structure than 
pearlite formed at a slower rate. This 
is due to the suppression of the proeutec- 


Fig. 15 Percent transformation versus peak temperature. 
Steel C, spheroidized prior structure 
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toid ferrite reaction by more rapid cool- 
ing, Which causes the amount of pearlite 
formed to be Since the 
total carbon content in the steel is held 
constant, this pearlite must have a lower 
content than  pearlite 
formed on slow cooling. As will be 
shown below, this difference in local 


increased, 


local carbon 


carbon content might have considerable 
influence upon the rate of austenite for- 
mation. 

The formation of austenite under 
conditions of very rapid heating was 
quite different from that normally en- 
countered, Once nucleation started, it 
was very rapid, as shown by the fact 
that spheroidized specimens generally 
had nucleation on almost every carbide 
particle before any of the austenitic areas 
had grown very large. 
the nucleation temperature was reached, 
the rate of nucleation was not the im- 
portant factor determining the over-all 
rate at which austenite was formed 

If we consider a spheroidized prior 
structure consisting of cementite par- 
ticles in a matrix of ferrite, the carbon 
distribution during austenite formation 
at a temperature slightly below the fer- 
rite to low-carbon austenite transforma- 
tion temperature would be as shown in 
Fig. 19. For the austenitic area to 
grow into the ferrite, the austenite- 
ferrite interface must move to the right. 
The carbon concentrations in the aus- 
tenite and ferrite at that interface tend 
to approach the values determined by 
the equilibrium diagram for that par- 
ticular temperature. 
at the austenite-cementite interface also 
tend to approach those shown by the 


Obviously, once 


The compositions 
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Fig. 16 Knoop hardness versus peak temperature. Steel sites. The difference between the fine 
C, spheroidized prior structure pearlitic and martensitic structures 
might be due primarily to the difference 


equilibrium diagram. If we assume, for in the newly formed austenite controls in temperature of the reaction, which 
the moment, that these interface com- the rate of growth of the high-carbon could be the most important factor in 
positions correspond to equilibrium wustenitic areas into the matrix, whether this particular case, overriding all others. 
values, then movement of the austenite that be ferrite or low-carbon austenite, It was impossible to determine the pre- 
ferrite interface to the right requires If we accept this conclusion, then the cise nature of the tempered structure 
that the total amount of carbon in the thermal behavior of the specimens of existing just prior to the transformation 
austenite be increased. This carbon Steel A can be explained tegardless of the specimens that had been marten- 
is furnished by solution of some cement- of the prior structure, some austenite siti 
ite in the austenite. That is, the had formed in that steel before the [he exaggerated nonisotropic growth 
cementite-austenite interface moves to thermal analysis showed any appreciable found during the transformation of 
the left. arrest Che arrest became evident only spheroidized structures had not been 
The question arises as to whether these vhen the reaction rate became high expected The two types of growth, 
interface compositions follow the equi In the case of the pearlitic structures, the along ferrite grain boundaries, and along 
librium values at very high rates of heat pearlite islands transformed to austenite certain crystal planes in the ferrite, were 
ing Also, it would be interesting to first. and the reaction progressed by the only mportant in the early (lower tem- 
determine the rate-controlling com growth of those high-carbon austeniti perature) portions of the reaction. The 
ponent of the over-all reaction areas into the low-carbon matrix, The etching behavior of those austenitized 
The appearance of light-etching area diffusion rate of the carbon in the newly areas indicated that the carbon content 
of retained austenite surrounding pat formed austenite was, of course, de was quite high throughout, as con- 
tially dissolved carbides heated to high pendent upon the local concentration trasted with the definite signs of a grad- 
temperatures indicated that the carbon gradient, which was determined by the ient shown in later stages of growth 
content in the austenite adjacent to the carbon level in the original islands of There seem to be two possible ex- 
carbide particles had reached a ver) pearlite. Lf the diffusion rate of carbon planations for thi behavior. This 
high value. This high carbon content was the controlling factor in the over-all could be a case of nonisotropic diffusion 
is predicted at high temperatures by the reaction, then we would expect that the of carbon, which would be expected to 
iron-iron carbide equilibrium diagram structures with pearlitic areas having be more pronounced at lower tempera- 
so we can conclude that the carbon con the highest carbon  level—i.e the tures. The other possibility is that in 
tent of the austenite at the austenite- coarser yx arlite--would have had a the early stages of austenite formation, 
cementite interface was at least in rough higher reaction rate at a lower tempera the transfer of iron atoms from the body- 
agreement with the values indicated by ture than those containing lower-carbon centered to the face-centered structure 
the Acm line on the diagram. The pearlite. A spheroidized structure with might be nonisotropic. This effect 
« exact carbon content at the interface an ever-increasing carbon content at the could be aggravated by the high earbon 
could not be determined, however. carbide-austenite interface, would be content of the austenite just behind, or 
The areas of retained austenite also expected to show « high reaction rate at perhaps at, the austenite-ferrite inter- 
indicated that the solution of cementite the lowest temperature of the various face. The authors make no pretense of 
(movement of the cementite-austenite structures, as was found. being able to determine which, if either, 
interface) was rapid enough to keep up Prior structure in the eutectoid steel of these factors influenced this type of 
with the demand for carbon had an effect upon the rate of the reac- growth. This was certainly an interest- 
Since it was found to be impossible to tion also. In that case, however, the ing phenomenon, and more work should 
superheat the ferrite-to-low-carbon-aus reaction rate was quite high regardless be done on it 
tenite reaction, and no significant change of the structure. However, thermal The data also indicated that sphe- 
in the growth rate of the high-carbon analysis showed that fine pearlitic prior roidized specimens of Steel B trans- 
austenitic areas was observed when the structures had the highest rate, even formed at a temperature quite different 
matrix transformed from ferrite to low- faster than martensitic structures. This from that found for Steels A and C, 
carbon austenite, it seems reasonable can be seen by examination of Fig. 17 Again, the reason is not entirely clear. 
to conclude that ferrite can transform One would expect that fine pearlite However, it seems safe to conclude, 
to low-carbon austenite without diffi- would react more rapidly than coarse after examination of the behavior of the 
culty pearlite because of the additional driv martensitic specimens that composition 
This leaves us with the conclusion ing force due to the large amount of has an appreciable influence upon the 
that, at least in the later stages of the interfacial energy in the prior structure, transformation temperature. As shown 


reaction, the rate of diffusion of carbon as well as a larger number of nucleation in the table of compositions of the steels, 
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800 
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ture. 
structure 


they varied in other respects in addition 
to the variation in carbon content. Per- 
haps the most important difference was 
the amount of manganese, which was 
considerably higher in Steel B than in 
the case of the other two. It is not un- 
likely that manganese hinders the nu- 
cleation of austenite on heating, as it 
does the nucleation of pearlite from aus- 
tenite on cooling. 

It appears, as shown by the preceding 
discussion, that there are a number of 
interrelated factors governing the ob- 
served nucleation and growth behavior 
of steels under conditions where a very 
faust heating rate causes suppression of 
nucleation until temperatures well above 
the equilibrium temperatures are 
reached, The authors believe that un- 
tangling these various factors will not 
be an easy task, but that further work 
in this field might well give us consider- 
able information on processes of nuclea- 
tion and growth under nonequilibrium 
conditions, as well as furnishing infor- 
mation that would be of value commer- 
cially in such fields as electric resistance 
welding and induction heating 


Conclusions 

1. Structural changes in the heat- 
affected zone of a spot weld in carbon 
steel are not sensitive to heating rate in 
the range normally encountered in spot 
welding. This means that the heat- 
time setting for such welds can be based 
on considerations other than metallurgi- 
eal ones. It will be understood that 
while the structure of the heat-affected 
zone is not affected by heat time, the 
extent of the zone will be influenced. 

2. The metallurgical transforma- 
tions during spot welding of steel are 
highly structure sensitive. Large prior 
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(°C). 


Fig. 18 Vickers pyramid hardness versus peak tempera- 
Specimens of SAE 52100 steel, 


Huggins, et al. 


900 1000 


A 


A A AAA 


WZ, 


martensitic prior 


DISTANCE FROM CENTER OF 


CARBIDE PARTICLE. 


Fig. 19 Carbon distribution at a temperature slightly 
below the ferrite to low-carbon austenite transforma- 


tion temperature 


carbide size minimizes austenitization 
and consequent formation of martensite 
Coarse spheroidized structures would 
seem to be best for spot welding. 

3. In carbon steels the reaction: 
Ferrite + Cementite —> Austenite is 
apparently diffusion-controlled, with 
carbon diffusion the governing factor. 
The transformation of ferrite to austen- 
ite is essentially insuppressible, occur- 
ring at about 910° C 
ing rate 
in austenite is apparently also controlled 
by carbon diffusion 

1. The above conclusion applies only 
steels. In alloy the 
mobility of the alloying element in the 
ferrite and austenite lattices may in- 
fluence the reaction rates. Differences 
in detail among the steels studied are 
attributed to differences in manganese 
content. 


, regardless of heat- 
The dissolution of cementite 


to carbon steels 
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EMBRITTLEMENT OF MULTIPASS WELDS 
IN ZIRCALOY 2 


Intermetallic compound precipitates in Zircaloy 2 welds 


lower bend ductility and tension-impact strength; these properties, 


however, can be restored by postweld heal treatment 


BY J. T. NIEMANN AND R. P. SOPHER 


ABSTRACT. Metallographic examina- 
tions of two-pass welds in Zircaloy 2, a 
zirconium-tin-chromium-nickel alloy, 
showed that a precipitate of intermetallic 
compounds was present in the root pass 
but not in the second pass Bend tests 
showed the root ot the weld was less due- 
tile than the face. Tests were then made 
on single-pass weldments to determine; 
(laf the precipitate was the result of cool- 
ing rate after welding; (2) if ductility 
could be restored by postweld heat treat- 
ment; and (3) the effect of the precipitate 
on the mechanical properties of weld- 
ments It was found that the amount of 
precipitate present was a function of cool 
Ing rate and that large amounts resulted 
in lowered bend ductility and tension-im- 
pact strength. The study showed that the 
sroperties could be restored by postweld 
treatment 


Introduction 


Multipass welds were made in Zircaloy 
2, a zirconium-tin-iron-chromium-nickel 
alloy, to determine whether embrittle 
ment occurred, and if so, to determine 
its cause. 

The first tests were made on two- 
pass welds in '/,-in.-thick sheet. Me- 
tallographic examination showed a pre- 
cipitate in the root pass, but not in the 
second pass. Apparently, the precipi- 
tation occurred as a result of the reheat- 
ing and subsequent slow cooling of the 
root pass tend tests indicated that 
the root of the weld was less ductile than 
the face. 
single-pass weld specimens to determine: 
(1) if the precipitate was the result of 
cooling rate; (2) the effect of the precipi- 
tate on mechanical properties of weld- 
ments; and (3) if ductility could be im- 
proved by postweld heat treatment. It 


Tests were then made on 


was found that a postweld heat treat- 
ment would restore ductility in the weld 
and heat-affected zone 
were verified by tests of heat-treated 


These findings 


multipass welds. 


. T. Niemann ie Welding Engineer ar 
pher is Assistant Chief, Metals Join 
sion, Battelle Memorial Institute, Colu 
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Preparation of Test Specimens 


The material investigated was similar 
to Zircaloy 2 except that it was made 
with erystal-bar zirconium instead of 
sponge zirconium. The nominal com- 
position of the experimental alloy was 
98.23% zirconium-1.5% tin-0.1% 
chromium — 0.12% iron — 0.05% nickel 
The major difference between this alloy 
and Zirealoy 2 is in the oxygen content, 
which is higher in Zirealoy 2 because it 
is made from sponge zirconium te 
sults of other studies have shown that 
oxygen does not have an important 
effect on the brittleness of heat-treated 
believed that the re- 
sults obtained in this investigation apply 
to Zircaloy 2. 

The alloy was hot rolled to '/,- and 
1/,-in.-thick sheet. The oxide scale 
which formed during rolling of the mate- 


material, 8G it is 


rial was removed by grit blasting. 
The sheets were sheared to size for weld- 
ing test specimens. The filler metal 
used in welding was sheared from the 
sheet also. Prior to welding, the filler 
metal and sheet were pickled in a 10 
volume percent HF-45 volume percent 
HNO, solution 

Welding was done in a controlled- 
atmosphere chamber which was evacu- 
ated to a pressure of 70 microns and 
then filled with helium to a slight posi- 
tive pressure. These precautions were 
necessary because this material is sus- 
contamination by  inter- 
stitial elements. The joints in the '/,- 
in.-thick material were the square-butt 


ceptible to 


type with a '/j-in. root opening. The 
'/-in. material was welded in two passes 
and the joint was the single-vee type 
All welds 
were made manually by the tungsten-are 
direct 


with a '/yein. root opening 
process with straight-polarity 
current at 80 amp and 25 v 
Heat treating was done in a helium 
atmosphere at temperatures 
between 1200 and 1800° F. 
mens were held at temperature for 1 hr 


various 


The speci- 


Zircaloy 2 Welds 


Viemann, Sopher 


and then wate! quen hed, air cooled or 


furnace cooled 


Metallographic Studies 

The initial studies were made of two- 
pass welds in '/,in, sheet. The welded 
xamined metallographically. 
A difference in the microstructure of the 
two weld passes was found, as shown in 
A precipitate can be seen in the 
not apparent in the 
Such precipitate could 


joints were ¢ 


Fig. | 
root pass that | 
second 
have been formed by the reheating of the 
first weld when the second was made, 
thus precipitating material which had 
been held in solution 

Generally, such precipitates would 
not be expected in a single-pass weld 
and the adjacent heat-affected zone, be- 
cause of the rapid rate of cooling. The 
condition is illustrated in Fig. 2, where 
no precipitate can be seen in either the 
weld or the heat-affected zone. The 
weld metal has a transformed-beta 
structure. The heat-affected zone has 
the same structure, but the beta-grain 
size is much smaller 

Single-pass welds were used in the 
studies, and an attempt was made to 
simulate the conditions that exist in the 
first pass of multipass welds. The first 
work with single-pass welds consisted 
The heat 
treatments consisted of heating the 
weldments to 1200, 1400, 1600 and 1800° 
F’, and then furnace cooling, air cooling 
or water quenching It was found that 
a small amount of the precipitate was 
present in specimens heat treated below 
1600° regardless of the cooling rate 
used, as shown in Fig. 3. On the other 
hand, the amount of precipitate present, 
in specimens heat treated at 1600° F 
and above was found to be dependent on 


of heat-treating tudies 


cooling rate No precipitate is visible 
in the vater quenched from 
1600 and 1800° J A small amount of 
precipitate is visible in the air-cooled 


Speciinen 


samples and a considerable amount is 


present in the furnace-cooled specimens. 
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Photomicrographs of specimens heat 
treated at 1600 and 1800° F are shown 
in Figs. 4 and 5. 

The results of these studies indicate 
that the precipitate becomes soluble in 
the base material at some temperature 
between 1400 and 1600° F and may be 
held in solution by rapid cooling. How- 
ever, subsequent reheating allows the 
material to approach equilibrium and 
the precipitate reappears. Although 
it is possible that this precipitate may be 
the tin-zirconium intermetallic com- 
pound, the tin should be soluble at 1200 
and 1400° F. The precipitate present 
in the 1200 and 1400° F specimens is 
more likely to be intermetallic com- 
pounds of zirconium and the alloying 
elements nickel, iron and chromium 
which form eutectoids at about 1500° F. 


Mechanical Properties of Single-Pass 
Weldments 

Bend tests, tension tests, tension- 
impact tests and hardness tests were 
used to determine the mechanical prop- 
erties of the single-pass weldments 
which were heat treated under various 
conditions, 
Bend Tests 

Weldments which served as bend- 
test specimens were heat treated at 
1200, 1400, 1600 and 1800° F. Speeci- 
mens in the “as-welded” condition were 


00 
Fig. | Photomicrographs of multipass 
weld in simulated Zircaloy 2 in the as- 
welded condition (reduced by '/s; upon 
reproduction) 
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Table 1—Results of Longitudinal-Bend Tests on Heat-Treated Single-Pass 
Zircaloy 2 Weldments 


Minimum bend 
Condition radius, T 
Aa-welded 


Elongation, % Origin of failure 
17 Weld and base metal 


Heat treated at 1200° F 


Water quenched 


Air cooled 3 
Furnace cooled 2'/s 


13 Weld 
14 Weld and base metal 
17 Weld 


Heat treated at 1400° F 


Water quenched 
Air cooled 
Furnace cooled 


17 Weld and base metal! 

13 Weld 

14 Weld, heat-affected zone 
and base metal 


Heat treated at 1600° F 


Water quenched 2 


Air cooled 6 
Furnace cooled 6 


Heat Treated at 1800° F 


Water quenched 3 
Air cooled 
Furnace cooled 


20 Weld, heat-affected zone 
and base metal 
s Weld 
Weld 


Weld and base metal 
Weld 
Weld 


tested also. The specimens were '/, x 
2x 4 in. and were welded along the 4-in. 
dimension. The weld reinforcement 
was not removed prior to testing. The 
specimens were tested so that major 
strain was parallel to the weld and di- 
rection of rolling of the sheet, and the 
face of the weld was in tension. 


Weld metal; polarized light; X 100 


Heat-affected zone; polarized light; X 100 


Fig. 2. Photomicrographs of a single- 
pass weldment in simulated Zircaloy 2 
in the as-welded condition (reduced by 
upon reproduction) 
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The bending jig consisted of a 90 
vee-block and dies of varying radii. 
The specimens were bent around suc- 
cessively smaller radii until failure oc- 
curred. The minimum bend radius 
was taken to be the next size larger than 
that which caused failure. The bend- 
test results are listed in Table 1. 


Heat-affected zone; polarized light; x 100 
Fig. 3 Photomicrographs of single- 
pass weld in simulated Zircaloy 2 
furnace cooled from 1400° F (reduced 
by '/; upon reproduction) 
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3 
14 
Second poss; polarized light; X 100 PB] Weld metal; polarized light; X 100 


Water quenched; polarized light; X 100 


Air cooled; polarized light; X 100 


Furnace cooled; polarized light; X 100 


Fig. 4 Photomicrographs of single-pass welds in simulated Zircaloy 2 heat treated at 1600° F (reduced by '/; upon re- 


production) 


The criterion used to determine bend 
ductility was the elongation of the outer 
fibers of the specimens, calculated from 
the minimum bend radius. The test 
results show that heat treatment below 
1600° F has little effect on bend duc 
tility. Specimens water quenched from 
1600° F exhibited the best bend duc 
tility. However, ai and fur 
nace cooling from this temperature de 
creased the bend ductility 


cooling 


The speci 
mens water quenched from 
showed a slight decrease in bend ductil- 
ity, 


sper 


as compared with the as-welded 
while the 
furnace 
greater loss in ductility 


specimens “air 


cooled and cooled showed a 


Tension Tests 

Transverse tension tests were made 
on !/s-in.-thick weldments which wer 
heat treated at 1400, 1600 and 1800° | 
The weldments were then Tritt hined itS 
shown in Fig. 6. 

The test results, given in Table 2 
showed that heat treatment below 1600 
F did not appreciably change the strength 
of the welded 
with those left in the as-welded condi 
tion. However, water quenching from 
1600° F resulted in about 15° increase 
Water quenching from 
increased the strength about 


specimens as compared 


in strength. 
1800° 
30%. These increases in strength were 
accompanied by slight decreases in duc- 
tility. Air cooling and furnace cooling 
from 1600 to LSOO 
effect on strength or ductility 


had ho Appres inble 


nise 


~ 


Woter quenched; polorized light; X 100 


Fig. 5 Photomicrographs of single-pass welds in simulated Zircaloy 2 heat treated at 1800 


upon reproduction) 
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F 


all the the unaffected 
base plate the tension-test dat i did not 


imilures were in 


demonstrate the effects of the pres ipitate 


on the performance ol the weldments 


Tension-Impact Tests 


Tension impact tests were made on 
both as-welded and on heat-treated 
single-pass weldments. As in the ten 
sion tests, the heat-treated specimens 
were water quenched, air cooled and 


furnace cooled from 1400, 1600 and 1800° 
I 

A sketch of the tension-impact speci- 
The root of the 
notch was in the outer edge of the heat- 


men 1s sho ig 


affected zone This test was designed 


ie an indication of the resistance 
of welded joints to impact loading. 
The test given in Table 3, 
indicate that heat treating at 1400° F, 
regardless of improved 
impact properties, probably because of 
The specimens water 
1600° F had the best 
This increase in per- 
result of both 
stress-relief treatment and absence of 
precipitate, Air and furnace cooling 
from 1600° F did not improve the im- 
pact properties. Water quenching from 
800° F resulted in somewhat higher 
energy values, but air and furnace cool- 
resistance, 


to proy Ti 
results 


cooling rate, 


stress relief 
quenched from 
Impact resistance 


formance may be the 


ing decreased the impact 


Table 2—Results of Tension Tests on Heat-Treated Single-Pass Simulated Zircaloy 2 
Weldments 


Ultimate tensile strength, 
Condition psi 


As-welded 66,700 


Heat treated at 1400° I 


Water quenched 70, 500 
Air cooled 60 900 
Furnace cooled O8 SOO 
He ited tre ited 
Water quenched 0), 000 
Air cooled 70,600 
Furnace cooled 60, 500 
Heat treated 
Water quenched SU SOM) 
Air cooled 73,700 
urnace cooled 200 


Mlongation in 2 in teduction of area, 
% % 
14 
If 
i 4} 
Is 40 
it 1600" | 
14 
i4 
16 33 
it 
36 
20 
15 


Air cooled; polarized light; X 100 
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Furnace cooled; polarized light; X 100 


F (reduced by '/; 
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Fig. 6 Sketch of Zircaloy 2 tension specimen 


The decrease in properties of the speci- 
mens treated at 1800° F as compared 
with those treated at 1600° F may be 
the difference in grain size, as shown in 
Figs. 5 and 6. The grain size was 
greater for the specimens treated at 
1800° F, which is generally associated 
with a decrease in notch toughness. 


Hardnoss Tests 


Hardness surveys were made on sec- 
tions cut from the '/¢-in.-thick bend 
specimens, The Vickers hardness was 
measured at 0,050-in, intervals with a 
standard diamond penetrator under a 
l0-kg load. The results are given in 
Table 4. 

Heat treatment had little effect on the 
hardness of the weld metal or heat- 
affected zone, because the precipitate 
was too finely dispersed to be detected. 
However, the base-metal hardness was 
increased by heat treating at 1800° F. 
This increase was due to the structural 
change from equiaxed alpha to trans- 
formed beta, The high hardness of the 
weld that was water quenched from 
1200° F probably was due to contami- 
nation during welding. 


Bend Tests of Multipass Welds 


The results of tests made on single- 
pass weldments showed that water 
quenching from 1600° F improved weld 
ductility. Bend tests were made on 
two-pass weldments to determine if 
they behaved in a similar manner. The 
specimens water quenched from 1600° F 
showed a bend ductility of about 15% 
compared with less than 10° for speci- 
mens air cooled and furnace cooled from 
the same temperature. 

Another series of bend tests, in which 
the root of the weld was in tension, was 
made on '/,-in.-thick weldments as a 
check on the effects of heat treatment. 
Copper backup bars were used in weld- 
ing these specimens to cool the weld 
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Holes for locating specimen in 
/ Waring testing 


45° notch,0.005 root radius 


2+ | 


Thickness, 0.080 inch 
All dimensions in inches 


Fig. 7 Sketch of Zircaloy 2 tension-impact specimen 


Table 3—Results of Tension-impact Tests on As-Welded and on Heat-Treated 


Condition 
As-welded 


Water quenched 
Air cooled 
Furnace cooled 


Water quenched 
Air cooled 
Furnace cooled 


Water quenched 
Air cooled 
Furnace cooled 


Specimen 


Zircaloy 2 Weldments 
Impact energy, ft-lb 
Specimen Specimen 
2 3 


19 18 


Heat treated at 1400° F 
22 
20 

Heat treated at 1600° F 
35 
16 
17 


Heat treated at 1800° F 


23 24 
9 21 
16 


Table 4—Results of Hardness Tests on As-welded and on Heat-Treated Zircaloy 2 


Condition 
As- welded 


Water quenched 
Air cooled 
Furnace cooled 


Water quenched 
Air cooled 
Furnace cooled 


Water quenched 
Air cooled 
Furnace cooled 


Water quenched 
Air cooled 
Furnace cooled 


Weld metal 


Range 
197-305 


215-224 
187-201 
192-199 


182-193 
183-194 
180-109 


203-215 
183-104 
210-227 


199-210 
178-108 
175-197 


Weldments 


Vickers hardness number 
Heat-affected zone 
Avg Range Avg 
199 194-197 191 
Heat treated at 1200° F 
222 188-192 
192 187-193 
106 187-197 
Heat treated at 1400° F 
ISS 179-189 
100 178-188 
195 180-189 
Heat treated at 1600° F 
212 183-108 192 
18S 170-188 184 
219 210-227 219 
Heat treated at 1800° F 
206 192--227 
172-198 
162-197 


Base plate 
Range 
160-185 


190 
189 
192 


160 
160 
162 


183 160 
183 164 
186 159 


202 
182 
182 


Avg 
169 


168 
166 
168 


167 
166 
163 


180 
166 
174 


202 
174 
178 
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€ weis § \ 
200 — | 
Avg 
¥ 18.5 
24 18 25 
34 25 27 : 
25 26 24 
30 31 32 
21 19 
i4 15.5 
25 24 
15 15 
13 13 
= 
178 
171 
175 
173 
172 : 
167 
173-185 
163-168 
157-186 
192-227 
163-178 
175-181 


As-welded 


Slow cooled from 1600” F 


Slow cooled from 1600° F, reheated to 1600° F 
and water quenched 


Fig. 8 Photograph of two-pass bend-test specimens showing the effect of heat treatment on bend ductility 


rapidly and thus minimize the amount 
of precipitation in the root pass. Two 
specimens were tested in the as-welded 
condition, and four were heated to 1600° 
F and furnace cooled. Of these four 
specimens, two were tested after the 
slow-cool treatment, and the last two 
were reheated to 1600° F and water 
quenched. The as-welded 
exhibited a bend ductility of about 15%. 
The specimens slow cooled from 1600° F 
exhibited less than 10° bend ductility 
The specimens reheated to 1600° F and 
water quenched were the most ductile 
with about 20% bend ductility. The 
difference in ductility of the three con- 
ditions of heat treatment is illustrated 
in Fig. 8. 

These results suggest that some em- 
brittlement is associated with multipass 
welds. further 
occurs on slow cooling from 1600° F, 
and since such a heat treatment would 
be approached in welding with a number 


specimens 


Since embrittlement 


of passes, it may be concluded that a 
real embrittling effect does occur in 
Zircaloy 2. The results also show that 
the condition may be corrected by quen- 
ching from 1600° F. 

The results of this investigation indi- 
cate that embrittlement can occur in 
multipass welds in Zirealoy 2. This 


embrittlement appears to be associated 
with precipitation of intermet ihe com 
eld metal 
veld pass appears to be the 


pounds in the The precipi 
tation in a 
result of reheating and slow cooling dur 
ing deposition of subsequent PASSES 
Two-pass welds in '/,in.-thick sheet 
were studied during this investigation 
Precipitates were present in the root pass 
and apparently lowered the bend due- 
tility of the weldments. If thicker 
plates, passes, were 
welded the effect of the precipitation 


probably would be even more apparent 


requiring more 


It was possible to produce a precipitate 
and embrittlement in single-pass weld- 
ments by postweld heat treatments 
Heating to 1200 and 1400° F resulted in 
the precipitation of a small amount of in- 
termetallic compounds regardless of coo!- 
ing rate. However, the small amount 
of compounds precipitated at this tem- 
perature did not affect the mechanical 
properties adversely Larger amounts 
of compound precipitate resulted when 
specimens were slow cooled from 1600 
and 1800° F. On the other hand, it 
was possible to suppress the precipi- 
tation by fast cooling from these tem 
This indicates that the pre- 
cipitate and embrittlement of the first 


peratures 


mass of two-pass welds is probably 
I 


caused by heating to the precipitation 
temperature during the deposition ol 
the second 

When present in small amounts, the 
precipitate had no great effect on bend 
ductility or tension-lmpact strength of 
However, when 
present in large amounts, as in the root 
pass of a multipass weld, the precipitate 
could affect these properties adversely. 
The best combination of bend ductility 
and tension-impact strength in single- 
pass weldments resulted from water 
quenching from 1600° F. The heat 
treatments investigated also influenced 
the ultimate strength of the weldments, 
The highest strengths were obtained by 
water quenching from 1600 and 1800° 
F. The test results suggest that multi- 
pass welds respond to heat treatment in 
the same manner as single-pass welds. 


single-pass weldments 
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RESEARCH NEWS coominued from pores 


to cover the activities of each of the 15 
Commissions which, of course, hold 
simultaneous meetings 

One of the special features of the inter- 
national conferences is an open session 
usually held on the first day. These 
open sessions are reserved for the study 
of one application of welding and its 
allied techniques, e.g boilers, bridges 
and structures, shipbuilding construc- 
tion, aircraft construction, etc. The 
open session in Madrid will deal with 
“Welding for Productivity.” 

For each of these sessions a certain 
number of rapporteurs are chosen by 
the Governing Council on account of 
their special ability in the type of work 
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under review 
the work of the technical commissions 
for the preparation of their reports, and 


These rapporteurs use 


they give an illustration of the develop- 
ment made by welding and its allied 
techniques in relation to the construc- 
tions in question. They also show the 
present problems which are being faced 
in this type of work 

The reports are gathered together by 
the authors in ample time for the meet- 
be distributed at 


least one month in advance 


ing, so that they may 


The special sessions are plenary and 
open to the public and the reports are 
discussed. At the end of the meetings 
a certain number of technical questions 
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emerging from them are sent for study to 
concerned, The 
themes for thes special versions are de- 


the (ommi hon 


cided upon at least one year in ad- 


vance 

Authors from the United States who 
wish to present papers on the general 
theme of this open seasion “Welding for 
Productivit hould communicate as 
early as possible wi W. Spraragen, 
Secretary American Council of the 
L1.W., 29 W. 39th St., New York 18, 
N. ¥ 

Experts who wish to attend the Com- 
missions of the I.1.W 
municate with the Secretary of the 


should also com- 


American Council, 
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BY R. M. WILSON, JR., and W. F. BURCHFIELD 


SUMMARY. The principal commercial high-nickel alloys, 
meaning those that contain over 50% nickel, are: 

Nickel, commercially pure, containing not over 0.15% carbon. 
It is corrosion resistant to fixed alkalies and some reducing acid 
conditions, It may be used at temperatures up to 600° F 

Low-Carbon Nickel, containing not over 0.02% earbon. May 
be used at all temperatures 

Monel, « nickel-copper alloy, used for strength and corrosion- 
resistant application 

Inconel, & nickel-chromium-iron alloy principally used for its 
resistance to oxidation at elevated temperature. 

Hastelloy Alloy B, « nickel-molybdenum-iron alloy, having good 
corrosion resistance in hydrochloric acid, wet hydrogen chloride 
gas and sulfuric acid 

Haatelloy Alloy C, a  nickel-molybdenum-chromium-iron- 
tungsten alloy, with excellent corrosion resistance against strongly 
oxidizing acid conditions 

“K" Monel, a nickel-copper-aluminum alloy which has the 
same corrosion resistance as Monel and has higher mechanical 
properties as the result of a precipitation age-hardening treat- 
ment 

Inconel a nickel-chromium-iron-titanium-aluminum alloy, 
which can be age hardened to produce high strength at elevated 
temperatures. 

The important application requirements which have led to a 
selection of nickel and the high-nicke! alloys for pressure vessels 
have been one or more of the following: 


(a) Corrosion resistance for a specific service 

(b) High level of strength and toughness at subzero, moderate 
and elevated temperatures, 

(ce) Special magnetic properties, 


The first six alloys mentioned above are recognized by the 
ASME Pressure Vessel Code. “K"' Monel and Inconel “X”’ 
are not yet recognized by the Code for general pressure-containing 
parts but their use will undoubtedly be extended as pressures 
and temperatures of processing are increased. 

All of these alloys can be fabricated into pressure vessels by 
conventional means. llowever, there are characteristics of these 
alloys which differ greatly from steels, The full report discusses 
in detail, the analyses, physical and mechanical properties, 
method of determining ASME Code design stresses, embrittle- 
ment by sulfur and lead, cold forming, hot forming, thermal 
treatments, cleaning, pickling, welding, brazing, joining dis- 
similar metals and inspection. 


Materials Division 
Pressure Vessel Research Committee 
Welding Research Council 


NICKEL AND HIGH-NICKEL ALLOYS 
FOR PRESSURE VESSELS 


Abstract of an interpretive report prepared for the 
Materials Division of the Pressure Vessel Research Committee 
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Introduction 


As modern industry continues to search for better and 
faster processing methods, pressure and tempera- 
ture requirements for pressure vessels continue to 
rise. As newer and older solids and fluids at higher 
temperature are introduced into pressure vessels, the 
problems of corrosion, high-temperature strength and 
metal stability become more and more important. Fre- 
quently the greater demands for purity of the products 
being processed are of prime importance. 

Under these circumstances, nickel and the high- 
nickel alloys are finding increasing fields of application 
in the pressure vessel industry since their most impor- 
tant characteristic is resistance to corrosion in a wide 
variety of fluids and over a broad temperature range. 

This report is an attempt to summarize information 
on the characteristics of nickel and the high-nickel 
alloys so that when considered for pressure vessels, they 
may be correctly applied and economically used. De- 
sign and fabrication of vessels employing these alloys 
are not difficult when their properties are known and 
suitable allowances are made. Fabrication is possible 
by all the usual methods used for steel vessels but with 
certain minor differences in procedure. 


Design Stress 

The ASME Boiler and Pressure Vessel Code, 1952 
Section VIJI—Unfired Pressure Vessels, lists the maxi- 
mum allowable stress values in tension for nickel and 
nickel alloys in Table UNF-23. The stress values in 
Table UNF-23 were calculated in accordance with 
Appendix Q of * etion VIII, which states in paragraph 
UA-601: 

“(a) Except for bolting materials, the maximum 
allowable stress values may be determined as the lowest 
of the following when the tensile and yield strengths are 
obtained from standard short-time tests: 

R. M. Wilson, Jr., and W. F. Burchfield are associated with the Develop- 


Division of the International Nickel Co., Ine., New 
or 


The report is lished as Bulletin No. 24 in the Bulletin Series of 
the Welding Research Council, 29 W. 30th St., New York 18, N. Y This 
Bulletin contains detailed information on analysis, physical and mechanical 
properties of these alloys, discussion of cold and hot forming, embrittlement, 
thermal treatments, cleaning, welding and brazing, and inspection. 
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Annealed nickel SB-160, SB-161, SB-162, SB-163 


(1) One-fourth of the tensile strength as adjusted to 
minimum. 

(2) Two-thirds of the yield strength (as defined in the 
material specification) as adjusted to minimum 

(3) The stress producing a secondary creep rate of 0.1 
CRU (ereepruptureunits)* or in 10,000hr 

(4) Four-fifths of the stress producing rupture in 

100,000 hr. 


(b) For bolting materials, (1) and (2) in (a) are re- 
placed by the following, while (3) and (4) apply as in (a 


(1) One-fifth’ of the tensile strength as adjusted to 
minimum. 

(2) One-fourth’ of the yield strength (as defined in the 

material specification) as adjusted to minimum 


(c) The tests are made at the temperature under 
consideration. 

(d) The tensile strength and yield strength are ad 
justed to minimum by multiplying the test results by 
the ratio: 


(Minimum specified or expected 
tensile or yield strength 
(Actual room temperature tensile or yield strength 
for the lot of material under test) 


* Creep rupture unit — 0.0001 %/hr 
?t Changed to these values by Code Committee decision of June 11 
54. 
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Fig. 2. Hot-rolled nickel SB-162 


(e) The creep and stress-rupture strengths are de- 
termined by plotting the results of creep and stress- 
rupture tests in the manner described in “Interpreta- 
tion of Creep and Stress-Rupture Data,” by Francis B, 
Foley, Metal Progre June 1947 pp. 951-958.” 

Figures | through 22 graphically represent the labora- 
tory data and application of the rules of paragraph UA- 
601 to these data in order to arrive at the design stresses 
for Table UNF-23 

The top-most curve on each chart is a plot of tensile 
strength vs. temperature. This curve has been reduced 
to the minimum specified tensile strength curve by 
multiplying the actual curve by the ratio 


Minimum specified tensile strength at room temperature 
Actual tensile strength at room temperature 


The actual yield strength curve has been reduced to 
minimum specified yield strength in similar manner by 
multiplying by the ratio 


Minimum specified yield strength 
(0.2%, offset 


Actual yield strength (0.20, offset 
at room temperature 


at room temperature 


The proper fraction as required by paragraph UA-6OI 
is then applied to the minimum specified curves of ten- 
sile and yield strength, and the result rounded off. 
Creep strength for 0.1 CRU is plotted directly. Four- 
fifths of the stress for rupture in 100,000 hr is usually 
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Fig. 3 Stress-relieved nickel SB-163 (20% cold reduction) 


higher than the creep strength. In most cases, the 
stress-to-rupture curves are omitted. 

Curves of data for only those alloys, tempers and 
forms which are ordinarily used for pressure vessels are 
included. ‘K’’ Monel is at present contemplated only 
for bolting service under the Code 

Figures 1-21 may be of use to a designer if he desires 
to know the minimum value of tensile strength and 
yield strength of a given alloy and temper at some tem- 
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Fig. 4 Annealed and hot-rolled low-carbon nickel SB-161, 
SB-162, SB-163 


perature above room temperature. Such values may 
be read directly from the curves marked “tensile 


strength reduced to min. spec. values” or “yield 


strength reduced to min. spec, values.”’ 
Ordinarily, Inconel “X” is applied in elevated tem- 
perature service where creep strength and stress-to- 


rupture values are governing factors for design. There- 
fore, the curve for Inconel “X” is shown in a little 
different form. 
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Fig.6 Annealed Monel SB-127, SB-163, SB-165 
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Fig. 7 Annealed Monel SB-164 Class A and Fig.9 Stress-relieved Monel SB-163 (20% cold 
annealed "R"” Monel SB-164 Class B reduction) 
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Fig. 8 Hot-rolled Monel SB-127 Fig. 10 Hot-rolled Monel SB-164 Class A 


It will be noted in Fig. 22, that there are two different F at some sacrifice to strength at lower temperatures 
thermal treatments that may be given Inconel “ X.” Treatment A is employed almost exclusively on Inconel 
Treatment A, a double aging cycle, results in better “XX” in bar form used for turbine blades and wheels 
rupture and creep strength at temperatures above 1100 which operate at 1000-1500° I Che direct aging 
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Fig. 13. Hot-rolled Inconel SB-166, SB-168 
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Fig. 16 Hastelloy Alloy B, design data, sheet up 
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treatment, Treatment B in Fig, 22, is that employed 


for sheet and plate material 
fabricated from plate and sheet, Treatment B is the only 


Since pressure \ 


aging treatment which will ordinarily be employed on 
pressure vessels 


It is important to note that the rupture strength of 


welds Inconel “ is only 65 to ol that of the base 


be 
reinforced or the strength of the 


This means that welds must placed in 


be 


material 


colder areas, must 
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ain > om | The aging treatment consists in holding the material 

at an intermediate temperature (1100° for 
} + Monel and 1300° F for Inconel “X’’) until sufficient 
precipitation has occurred, resulting in an approxi- 

mately 50° increase in hardness and strength over that 

T Tensite Strength Resuced™ for the annealed condition. Usually, 8-20 hr is suf- 
a a ficient at the optimum temperatures; however, longer 

t t ; ; times will be required at lower temperatures. Very 
slow furnace cooling from age-hardening temperature 
will add a small increment of hardness and strength. 
A typical set of curves of hardness vs. time held at vari- 
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All of these age-hardening alloys have one peculiarity 
in common which frequently leads to difficulty in fabri- 
cation. This is the low ductility of the age-hardened 
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The age-hardenable nickel alloys have some rather 
unusual properties. They may be hardened and 
strengthened by cold work and by thermal treatment. is T a 
The effects are additive since only a small amount of Actuel Tensite Strength ASME Code 
the cold work will be removed by the aging treatment. ee 
Springs for moderate temperature application may be | 
made in this manner. For elevated temperature serv- | 
ice, the cold work portion of the hardening effect will T 5 
cause considerable relaxation so soft temper and age- per te 
hardened material is employed, Sheet and plate from 
which pressure vessels might be built will require form- 
ing and welding operations during fabrication. The 
annealed condition of sheet and plate is required to per- 
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hardening temperature, the alloys will soften but when 1800 
subjected to the aging treatment again, they will regain Wmpecstore, °P 
the hardness lost. This feature is useful when the Fig. 21 Hastelloy Alloy C,*design data, plate 
alloys are inadvertently overheated in service to in. 


38-8 Wilson, Jr., Burchfield—Nickel Pressure Vessels Weipinc Researcn SupPpLEMENT 


140 
| 
100, 
= 
} 
| | 
| 
+ 
| 
| 
4 


INCONEL 
STRENGTH vs TEMPERATURE 


CURVE - HEAT TREATMENT 
4 URS. AT 2100° F. 
A 


YIELD 57 24 HRS. AT 1550° F. 
| 20 HRS. AT 1300° F. 


| | \ B 20 HRS. AT 1300" F. 


+ 


STRENGTH 


PROPORTIONA; Limiy 
A 


0.25% To 
STRAIN 


“Oung 


0.20% A 


STRENOT 

CREEP STRENGTH 0.1%/ 10000 HRS. A 

40 0.15% TOTA 
ar 1000 A 


0.10% TOTAL STRAIN A 


4 AT 1000 mouas 


| | 4 

| ~ 
| TEMPERATURE F.° + 


— 


300. 400. 600. 600 1000 1200 1400 1600 1800 2000 2200 


Fig. 22 Inconel "X"’, strength vs. temperature 


material at temperatures in the vicinity of the optimum 
age-hardening temperature. In Fig. 24, a typical plot 


of mechanical properties vs. temperature for Inconel 
“NX” shows that for fully age-hardened material, the 


elongation increases slightly as temperature rises from 


room temperature, but as it approaches the optimum 
age-hardening temperature, it takes a sharp dip to a 


very low valley at the optimum age-hardening tempera- 
ture (1300° F for Inconel “X” and 1100° F for “K” 
Monel) and then climbs to high values as the material 


+ 


1100°F softens at elevated temperatures If any welding is 
| performed on fully age-hardened material, some portion 
of the heat-affected area of the weld is bound to be in 


the low-ductility temperature range. If, concurrent 


Hordness- Rockwell! “c* 


to this situation, there are tensile stresses present from 

previous cold forming or from weld shrinkage, the mate- 

rial will probably crack because it does not have suf- 

ficient ductilitv to deform and relieve the stresses, The 

elongation curve in Fig. 24 demonstrates why welding is 

9008 Fa not recommended on aged material unless all tensile 
Tore” stresses can be minimized or eliminated lash weld 
1800" F ing, being compressive in nature, has been successful 


32 68 on aged material but most fusion welding generally leads 


Hours Aged to cracking unless stre can be controlled Unfor 


Fig. 23 Effect of various aging treatments on hardness of tunately, no appreciable relief of stress will oceur until 


hot-rolled and solution-treated Inconel "X" a temperature higher than the optimum age hardening 
temperature is reached. ‘This is illustrated diagram- 


matically in Fig. 25 
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Fig. 24 Tensile properties of fully heat-treated Inconel 
“X" at elevated temperatures 
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Fig. 25 Inconel "X", effect of temperature on residual 
stress 


If an age-hardenable material, like Inconel “ X,”’ in 
the annealed condition, is fabricated and welded to 
shape and subsequently placed in a cold furnace to be 
brought up slowly to age-hardening temperature, it will 
frequently crack. Lf, on the other hand, it is fabricated, 
placed in a hot furnace, and heated rapidly to the appli- 
cable temperature, the stresses of fabrication will be 
relieved before any appreciable age hardening can occur. 
A fast stress-relieving treatment at 1625 to 1650° F for 
4 hr or a thermal treatment of 1800-1950° F for 15 to 
30 min will remove dangerous stresses. These effects 


are shown diagrammatically in Fig. 26. 

It will be noted that the amount of ductility obtained 
at the age-hardening temperature is dependent upon 
time. A series of curves might be drawn for various 
rates of heating. The faster the heating, the higher the 
ductility over this critical range. 

An alternative procedure for avoiding the low ductility 
range is to age harden at a lower temperature where the 
dip in ductility has not reached its minimum. This can, 
and has been, done in a few special cases, Unfortu- 
nately, the time required for age hardening becomes 
very long. This can be judged from Fig. 23. In one 
instance, it was necessary to age harden“ K”’ Monel for 
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Fig. 26 Inconel "X"’, variation of ductility with temperature 
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125 hr at 950° F in order to avoid cracking and to ob- 
tain the same mechanical properties which would have 
been obtained at 1100° F in 8 hr. 
time, the assembly were heated to the optimum age- 


If, at any subsequent 


hardening temperature, it might crack 
The recommended procedure for building pressure 
vessels from age-hardenable materials is: 


1. Obtain material in annealed condition. 

2. If severe coild-forming operations are performed, 
anneal prior to welding. If hot-forming opera- 
tions are performed at the optimum tempera- 
ture and followed by rapid cooling, no anneal- 
ing will be necessary. 

3. Weld. 

1. Heat as rapidly as possible to 1625-1950° F for 
Inconel “X” and 1400-1450° F for “K’” 
Monel-—and cool rapidly. 


5. Age. 


It should be noted that the above discussion relates 
to cracking at a temperature where ductility is low and 
residual or applied tensile stressses are high. Tensile 
stresses high enough to cause appreciable elongation in 
the metal are dangerous. Such stresses are common in 
all types of fabrication, but the level of design stress in 
a vessel is far below the level where appreciable elonga- 
tion will occur. Therefore, such vessels will not crack 
in service even at the temperatures under discussion. 

The age-hardenable nickel alloys have been success- 
fully fabricated into pressure vessels as large as 7 ft in 
diameter by 14 ft long. In all instances, the vessels 
have been small enough to charge into a furnace for final! 
heat treatment and no field welding has been required. 
The age-hardenable alloys do not appear to be useful 
for high-temperature steam generation because of fabri- 
cation difficulties in heavy structures which cannot be 
thermally treated. Research is being actively con- 
ducted to develop alloys having high strength at ele- 
vated temperatures; which can be fabricated in heavy 
sections and which will not require final thermal! treat- 
ment. Some progress has been made but the alloys are 
still in the laboratory stage. 
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STRESSES IN WELDED PRESSURE VESSELS 


Author discusses allowable stresses, design stresses and 


ruplure theory for welded pressure vessels and boilers 


BY W. P. KERKHOF 


1. Introduction 

In this paper an attempt has been made to calculate 
inclusive of local stress raisers, on a 
with 
At the same time the necessity for introducing a weld 


allowable stresses, 


sound basis in accordance present knowledge 


efficiency factor is discussed. Endeavors are made to 
avoid the safety factors in use now, replacing them by 
ulated or esti- 


data 


other smaller factors which can be 


mated with reasonable accuracy Statistical 
which take into account the variation in quality of the 
material are used 

Several 


because of the lack of know ledge, the safest value is 


possibilities of failure are discussed and, 


as a criterion for determining the allowable 
The this 


manner are compared with established practice in sery 


chosen 


stresses. allowable stresses calculated in 


and with the results of investigations carried out 


2. General 


In order to avoid misunderstanding, it 


ice, 


will be worth 
while to give some definitions 

The “total real stresses’’ are the stresses occurring 
in a part of the vessel, being the sum of internal stress 
and stresses due to load, taking into account the re 
The load can 
bolt load 


loads ete 


sult of yielding, strain hardening, ete 


be any combination of internal pressure 
loads due to temperature differences, local 


The expression “real stresses’”’ in the following pages 
These real 


lated 


is used for the stresses due to load on! 


stresses should be identical with the cale tresses 


It is obvious that a rupture theory can only 


the caleulated stresses are in fact about the same as the 


real stresses, a fact to be proved hy tre mensure 


The 


strength formulas 


to be used in the 


hen 


ments calculated stresses 


under consideration d therefor 


have proved to he ack ledged ire Cr 


The maximum stress which the part wide 
tion can safely withstand is the allowab! 
<TTes er ¢ Keo) 


the 


real stress or the calculated 
culated stre 
a combination of a membrane stress, which 
distributed over the plate thickness, and 


often of the bendiu 


the allowable stress. Generall 


is uniformly 
nonuniform 


stress, which is very Bend 
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ing stresses without membrane stresses often occur; 


membrane stresses without bending stresses only occur 
at certain points in the shell 
a distinction has been 


fegarding the internal stresses 


made between original residual stresses which oecurred 


before loading the vessel, and ultimate residual stresses 
which remained after loading followed by unloading 
‘is used, attention is drawn 


If the expression ‘‘stre 


to the magnitude of the stress as such and not to the 


stress variations occurring. ‘The total stress is the sum 
of the stress due to load and the residual stress 

The stress the differs 
due to load and the stre in the unloaded condition, 


The 


tesidual stresses can ne 


range 1s nee between the stress 


to stress variations. 


luded 


tabulated stress to 


stress range therefore refer 
eT be ie 
a theoretical 


I'he 


be calculated by multiplying the design stress by the 


The design stress is 


be used for the calculation allowable stress can 
stress concentration lactotr 

the 
of elasticity happen to be above the yield point 


calculated with the theory 
Such 


In Lresses 


a high stress cannot usually occur. This stress will 
therefore be called the 
It will he show! that 


above the yield point ol the stan 


theoretical elastic stress 
all allow 


| Phi 


ible stress ranges are 
involves use of 
the plastic theory 
Furthermore, it is understood that the value of the 
hould be known for the purpose of such a 


that 


yield point 
for similar 
Accord- 
but in ites 


calculation It is a recognized fact 
steels, the 
ingly, the real yield point 


stead 


yield point aries considerably 


hould 
alue should be applied, found statis- 


ot be used 
minimum 
ult of many tests, and tabulated in such 


tically as a re 


that the 
ibulated yield 


Such tal 


a Way ufacturer can itee these 
data 
weversal countrie 


It is 


should re present a sale mi 


are used 


obvious that the minumum yield pomt curve 


mum In, this case a safety 


factor relative to the yield point, to cover variations in 


mechanical properti not required 


3. Limitations and Simplifications 


It is impossible to apply the same method of caleula- 


tion to every Phe following limitations 


po bole 


entione 


hould therefore be n 
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(a) The method of calculation is to be used only for 
stable structures, such as cylindrical shells, domed ends, 
flat ends, etc. In cases in which elastic or plastic in- 
stability occurs, the calculation shall not be used. 
This means that it is not suitable for shells under ex- 
ternal pressure or for any details which have a tendency 
to lateral buckling, such as stiffeners, gusset stays, 
girders, ete. 

(b) It is assumed that the temperature is above the 
“transition temperature” of the material, so that brittle 
rupture at low temperatures cannot occur. 

(c) The temperature must not be so high that creep 
becomes an important feature. The maximum tem- 
perature for which the calculation may be used is, in 
the case of carbon steel, about 400° C (750° F). 

(d) It is assumed that no shock loading occurs. 

(¢) The number of full stress cycles, due to loading 
and unloading, is not to exceed, say, 25,000, coinciding 
with two full stress cycles per day throughout about 35 
vears. This means that high strain fatigue has to be 
taken into account 

(f) It is assumed that boiler steel of good quality is 
used, so that local yielding may occur without greatly 
influencing the mechanical properties of the steel. The 
theory, however, is applicable to all usual steels irre- 
spective of the ratio of yield point to ultimate tensile 
strength, 

(y) It is supposed that the vessel or boiler is insu- 
lated in a usual manner, and that heating up and cooling 
down are carried out slowly enough to ensure that no 
severe temperature stresses can occur. Thermal shock 
is presumed not to occur. 

In order to avoid undue complication the following 
simplifications have been introduced: 

(h) The stress-strain curves shown are very sim- 
plified 

(Jj) The Bauschinger effect has been neglected. 

(k) Ifa plate is subjected to a membrane stress and 
a superimposed bending stress, it is supposed that the 
elastic straight line relation of the stress-strain diagram 
is valid until the plate yields over the whole cross sec- 
tion. This is not true, as a slight deviation from the 
straight line takes place as soon as the first yielding 
occurs at the surface of the plate. The total effect, 
however, is very small. 

(1) If the theoretical stress is partly above the yield 
point but not so great that yielding over the whole cross 
section occurs, a small permanent strain after unloading 
remains. ‘This small permanent strain is neglected. 

These simplifications, however, do not affect the 
principle of the following analysis. 


4. Failure 


A rupture theory has to explain the failures occurring 
in practice, It is, of course, presumed that no over- 
load occurs in service 

Assuming no special corrosive conditions to be pres- 
ent the following most important possibilities of failure 
may be observed: 

(a) An impermissible plastic deformation during the 


42-s Kerkhof Pressure Ve ssel Stresses 


hydrostatic test or during blowing of the safety device. 
It is obvious that such an impermissible plastic defor- 
mation can only occur if the high stress is distributed 
over a large area. Local stresses never produce great 
plastic deformation. 

(b) Rupture, without appreciable plastic deforma- 
tion. Rupture occurs almost exclusively near limited 
areas of stress concentration, or near defects in the 
plate material or weld material. Such defects also 
cause very high stress raisers, so that the limited area 
of stress concentration mentioned is the only point of 
origin of rupture. 

This rupture has the following characteristics: 

(1) Normally, it does not occur during the hydro- 
static test, notwithstanding the fact that the stresses 
during the test are higher than during service. 

(2) A crack only occurs after some service time, 
often after an appreciably long time. 

(3) The crack nearly always extends very slowly. 

(4) The material surrounding the crack is always 
hard and brittle, even in cases in which the material 
has no appreciable tendency to age hardening. 

(5) The fracture looks brittle. Shear fracture does 
not occur. 

(6) Vessels which are frequently loaded and un- 
loaded are more subject to rupture than vessels which 
are more constantly under pressure. 

(ec) Corrosion which causes a uniform decrease of the 
wall thickness is not considered to be a possible source 
of failure. This corrosion may be avoided by selecting 
a suitable material or by making the service time long 
enough by adding a reasonable corrosion allowance. 
The type of corrosion to be reckoned with is local attack 
of the material, near welds and near areas of high stress 
concentration, which may be the cause of the vessel's 
rejection after a rather short service time. This local 
corrosion may take the form of a fairly uniform attack, 
pitting or corrosion cracking. 

As local corrosion occurs near areas of high stress 
concentration, this stress corrosion is often combined 
with a tendency to rupture as described under (b) 


5. Plastic Deformation 

Prevention of impermissible plastic deformation does 
not mean that all calculated elastic stresses should be 
below the yield point. Great plastic deformation can 
only occur if the material yields throughout its whole 
thickness. This is shown in Fig. 1. In Fig. la the 
stress is totally elastic; in Fig. 15 only a part of the 
plate thickness yields (yield point = ¢,), but the maxi- 
mum theoretical elastic stress (a, + o») is above the 
yield point. Nevertheless, excessive plastic deforma- 
tion does not occur. The strain is of the same order as 
that calculated for the elastic stress. Only in the case 
shown in Fig. le, where yielding occurs over the whole 
plate thickness, will the deformation be excessive and 
may be considered as impermissible. In Fig. | it is 
supposed that no strain hardening occurs. The stress 
distribution shown is thus more simple than in reality. 

In Fig. 2 the same behavior is shown in another way 
in a simplified stress-strain diagram. In this figure, 
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Fig. 1 Stress distribution for elastic stresses, partial yielding and total yielding 


however, the strain hardening of the material is not stress occurring (BB") is much smaller than the theo- 


neglected For othe simplifications reference is made retical elastic stress BB" 

to section 3(h to 1, inel The last, and perhaps the most important, disad- 
Figure 2a shows the highest stress of Fig. la. The vantage of yielding over the whole plate thickness is 

maximum stress AA” results in an elastic strain OA” that the yield point has increased from AA” to BB’ in 

After unloading the stress and the strain are both nil Fig. 2c. If only local yielding occurs, Fig. 2b, the yield 

again. In Fig. 2b, where the highest stress of Fig. 1) point after the first loading, BB,” is practically the same 

is shown, the real stress is BB’; the maximum theo as the original yield point, AA” 

retical elastic stress is B’B" he strain ORB" corre Viekdine over the whole cross section of: 

sponds to the elastic stress B’B". After unloading, a ‘ 

causes strain hardening which may make the material 


residual stress (—OC’) remains: the strain, however, is | 
small and can be neglected. No severe deformation more sensitive to stress corrosion and rupture, as will be 
has occurred seen later 
In Fig. corresponding with Fig. lc, however, very 
great strain occurs (OB") \fter unloading the vessel brane stress o,, acting in the heart of the plate, and a 
the residual stress is very small; the deformation, how superimposed bending stress o. The total theoretical 
ever, is great (OC) and probably not permissible elastic stress o,,, is then the sum of o, and o»)—see 

Another disadvantage of such overstressing is the Fig Ie 

Assuming that the yield point AA” a,, and neglect- 


high stress occurring in the material. The real stress 
ing strain hardening, yielding over the whole thickness 


occurring, BB” in Fig. 2¢, is equal to the theoretical 
elastic stress calculated In Fig. 2), however, the real of the plate occurs if 
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Fig. 2 Stress-strain diagrams for elastic and plastic conditions 
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Fig. 3. Strain hardening due to cyclic load 
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(1) 


In the case of pure membrane stresses (0, = 0) total 
yielding occurs if o = oy, which is in agreement with 
the results of the tensile test, 

In the case of pure bending stresses (o, = 0) severe 
yielding oceurs if a) = */20,, which is in agreement with 
the result of many tests carried out by Professor Baker 
and his collaborators. * 


* Hee Hibliography reference 
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Notwithstanding the simplifications introduced, the 
formula isin aceordance with test results. 

Pure bending occurs in flat ends of pressure vessels. 

Pure membrane stresses occur only very locally, 
owing to the fact that the cylindrical shell is never true 
to round. Accordingly, a combination of membrane 
stresses and bending stresses always has to be reckoned 
with. 


6. Rupture 

The great plastic deformation and strain hardening 
at static load can only occur in parts where the high 
stresses are distributed over a large area, such as the 
cylindrical shell and the center of flat end plates. In 
other parts of the vessel, for instance in the knuckle of 
domed ends, near branches, stays, and in the hub near 
flanges, the high stresses are very localized in at least 
two directions. This means that the part that yields 
is very small and surrounded by fully elastic material, 
which prevents any excessive local deformation. The 
strain at the stress raiser is also very small because it is 
restricted by the strain of the surrounding elastic ma- 
terial. No strain hardening therefore occurs during 
first loading. 
high, strain hardening occurs after certain stress cycles 
(loading and unloading) almost without deformation. 
This can be proved by applying the theory developed 
by Professor Orowan,’ as shown in Fig. 3. 

The theoretical elastic stress is B’B"’, and the real 
stress occurring during the first loading if BB", both 
corresponding to a strain OB". ‘During unloading the 
stress follows the line BC until, at point C, reverse yield 
starts. During further unloading the stress follows the 
curve CD, parallel to C’D’. When loading again the 
curve D-E-F is followed—-EF parallel to BF’——and so 
on. The ultimate value of the stress after a certain 
number of cycles is QB" in the loaded condition and 
~PO in the unloaded condition, both equal to one 


However, if the local stress raiser is 
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Fig. 4 Influence of residual stresses 
on high stress ranges 
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Fig. 5 Influence of residual stresses 
on medium stress ranges 


Fig. 6 Influence of heat treatment 
on the stress range 
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half of the original theoretical elastic stress. Not- 
withstanding the fact that no appreciable plastic de- 
formation occurs, the strain hardening (corresponding 
to Q’) may be of the same order as when the plastic 
deformation is great, as shown in Fig. 2c, point B 

When the value QB’ is greater than the fatigue limit, 
rupture occurs, 

In section 3 the number of stress cycles was limited 
to a maximum of 25,000. Investigations heave 
proved’ * that at the number of stress cycles men- 
tioned the fatigue limit is already appreciably lower 
than the ultimate tensile strength. The fatigue limit, 
however, is proportional to the ultimate tensile strength. 
The ultimate tensile strength is thus the limit which 
may be taken into account in connection with this type 
of rupture. 

The above-mentioned rupture theory is quite in ac- 
cordance with the characteristics of rupture described 
in section 4b, which may be repeated here in other 
words: 

1. Rupture does not occur during the first loading, 
i.e., the hydrostatic test 
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Fig. 8 Device for measuring local out-of-roundness 
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2. A crack only starts after a certain number of full 
stress cycles. 

3. As the stress raiser is very localized, the strain 
hardening is local—the crack only extends into the 
strain-hardened area, and often stops in the still duc- 
tile material surrounding the crack. Then, after a 
certain number of consecutive stress cycles, the origi- 
nally ductile material at the root of the extended crack 
has also strain hardened, and the crack can extend 
further, ete 

$. The material surrounding the crack is strain 
hardened 

5. When rupture starts, all shearing energy has been 
consumed, so that brittle fracture is the only possibility. 

6. The higher the number of stress cycles, the more 
chance there is of rupture 

The theory described is also in accordance with the 
results of investigations carried out in the USA.*® * 1 

One of the conclusions drawn from the American in- 
vestigations referred to was that, as regards pressure 
vessels, the ultimate tensile strength may be a better 
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Fig.9 Influence of local out-of-roundness 
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Fig. 10 Curves for allowable out-of-roundness 
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Fig. 11 Influence of the shape of a notch on the stress- 
strain curve 


criterion than the yield point. This conclusion, how- 
ever, is not justified, as will be seen later. 

The strain ranges during the tests mentioned, causing 
rupture after 25,000 stress cycles, were much greater 
than the strain ranges causing vielding followed by 
reverse yielding. It is thus obvious that for atmos- 
pheric temperatures rupture can never oecur if the total 
stress range 


Trot Ty (2) 


In this case strain hardening is impossible during 
the life of the vessel, and the stress does not become 


appreciably higher than the yield point. 


In the case of boilers which are warm in the loaded 
condition and cold when not loaded eq 2 is modified as 


follow 


Ftor Cy T Cn (22 


in Which a, is the yield point at atmospheric tempera- 
ture and o,, the yield point at the working temperature 

For pressure vessels, however, which may be at zero 
pressure at working temperature, it is obvious that the 
formula to be used should be: 


(2b) 


Sut S 2oy 


The last formula gives the lowest and safest allowable 
stress and is proposed for application to both boilers 
and pressure vessels, with a view to uniformity in 
calculation 

Owing to the limitation of the allowable local stress 
raiser i) accordance with eq 2b, no rupture and no 
strain hardening can occur. To prevent rupture alone, 
and admitting strain hardening, an even higher stress 
range seems to be acceptable. In the following pages 
it will be shown that strain hardening should be pre- 
vented, in order to prevent local corrosion. In this 
case the strain hardening as such, and not the rupture is 
the criterion to be taken most strictly into account. 
This means that the yield point, and not the tensile 
strength, has to be used for the calculation giving the 
most severe requirement, 
7. Shear Strain Energy Theory 

The theories described in sections 5 and 6 are con- 
cerned only with the yielding of the material. The 
formulas 1, 2, 2a and 2b are only applicable to a uni- 
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Fig. 12 Influence of a defect on the strength 
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axial state of stress. In the case of a multiaxial state 
of stress, as occurring in pressure vessels, the shear 
strain energy theory has to be used 

If it is supposed that the true tensile or compressive 
stresses in three mutually perpendicular directions are 
o;, a and a», and the three corresponding shearing 
stresses are Ty», 731 and 723, yielding takes place if: 
+ + o3° — O02 030} 


+ Bry? + + (; 


Ty Vv 


w 


This equation will be used for calculation of the 


equivalent uniaxial stress range. 


8. Internal Stresses, Total Stresses and Stress 
Range 

The maximum values of the initial internal stresses 
occurring as a result of rolling or welding are of the same 
order of magnitude as the yield point of the material 
localized in at 


The stresses due to welding are very 


least two directions. This means that, if yielding o« 


curs as a result of residual stresses and superimposed 
stresses due to load, no excessive plastic deformation | 


In this case it is of course supposed that the 


caused 


stress due to load, as such, does not cause excessive plas 


tic deformation 


In the stress-strain diagram of Fig. 4 the initial resid 
ual stress is supposed to be A‘A (yield point), the 
corresponding strain being OA’ The theoretical 
elastic stress A”B’, which is supposed to be greater 


has now to be added to the initial 
that the 
If it 


due to load also occurs very locally ; 


than the vield point 


residual! stress, so total theoretical elasti 


Stress is equal to BB’ assumed that the stres 


the real total stre 
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\fter unloading, the re- 
i.e., about the 
same as would have been the case if no initial residual 


occurring is equal to B’B’ 
maining ultimate residual stress is 
stress had been present (Fig. 26 The plastic defor- 
mation OA’ after unloading is about the same as the 
initial strain due to the initial residual stress 

It is obvious that in this case the initial residual 
stress has no influence at all 
5 it is supposed that the theoretical elastic 
stress due to than the yield point. 
After the vessel is unloaded, the ultimate residual stress 


In Fig 
load is smaller 


approximately the difference be- 
When 


the vessel is loaded again, the stress does not pass the 


is equal to A’C, Le., 
tween the yield point and the stress due to load. 
yield point, so that, in this case, too, no great plastic 
deformation, strain hardening or rupture, can occur as 
a result of initial residual stresses 

Stress-relieved vessels are not entirely without resid- 
ual stresses. Values of a 
(5000. psi) have been measured in carbon steel, ther- 
It will be shown later that 


mt h as about 3.5 kg mm?" 


mally heat-treated vessel 


the allowable st resse not the de Lresses) are high, 


even 80 high that the um of the allowable stress and 
the residual stress after heat treatment (3.5 ky mm’ or 
D000 psi) is the Che result of the 


first loading and unloading of such a vessel 


above yield 


at pomts 


where high stresses mentio ed occur 1 hown ith lig 6. 
The ultimate residual stress after unloading A’C is 
about the same as that shown in Fig. 4 for a non- 
stress reli ed 
these Con thre following very im- 
portant ¢o clusions can be drawn 
a To prevent exce deformation (see section 
{3b 
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5), strain hardening and rupture (see section 6), only 
the stress range has to be taken into account. The 
residual stresses have no influence on strain hardening, 
deformation or rupture. This is also stated by other 
authors.® 

(b) As regards strain hardening, excessive deforma- 
tion or rupture, there is no difference in behavior be- 
tween stress-relieved and nonstress-relieved vessels, 

(ce) There are always several points where the max- 
imum total stress, i.e., the sum of the stress due to 
load and the ultimate residual stress, is always equal 
to the yield point. 

The latter conclusion leads to enunciation of a very 
important postulate, as follows: 

The highest total stresses occurving, i.¢., the sum of the 
stresses due to load and the ultimate residual stresses, 
exactly follows all variations in yield point that may occur 
in the vessel. If the yield point of the weld material 
is higher than that of the base metal, the highest total 
stress in the weld is higher than in the base metal. 
If the plate material has been excessively cold deformed, 
resulting in a high yield point (strain hardening), the 
highest total stress is higher than is the case when the 
cold working has been very slight. 


9. Stress Corrosion 

Stress corrosion tests generally give the following 
results: 

(a) Nondeformed material; no attack. 

(b) Only elastically deformed material; no attack. 

(ce) Only plastically deformed material; no attack 

or only slight attack, 

(d) Elastically and plastically deformed material; 

severe attack, 

It is, of course, presumed that the material used for 
the tests is reasonably corrosion resistant. 

Instead of “plastically deformed material” the ex- 
pression “strain-hardened material’ may be used, for 
plastic deformation without strain hardening is impos- 
sible. On the other hand, strain hardening due to 
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stress variations without severe plastic deformation is 
possible, as is shown in section 6 and Fig. 3. 

It is therefore supposed that the cause of stress cor- 
rosion is not the plastic deformation as such, bul strain 
hardening combined with high elastic stresses. This is in 
agreement with point d mentioned above and also in 
agreement with the results of pressure vessel practice 
and boiler practice, for very often stress corrosion is 
found in areas near stress raisers where strain hardening 
after a certain number of stress cycles has occurred with- 
out severe plastic deformation. 

The highest total elastic stresses are always equal to 
the yield point, as shown in section 8. The higher the 
strain hardening, the higher the yield point and the 
higher the total elastic stresses. It seems reasonable to 
assume that, as regards stress corrosion, the total elas- 
tic stress, and not the stress range has to be taken into 
account. Consequently, the corrosion is more severe 
if the strain hardening is greater. This is in fact in 
agreement with practice. 

It should be borne in mind that stress corrosion may 
cause cracks or other defects on the surface of the metal. 
Such surface defects, or notches, increase the stress 
range locally so that, although the original stress range 
before the notch formed was perhaps not enough to 
cause rupture, the formed notch, when higher stresses 
are present, may, nevertheless, subsequently bring 
about rupture (see section 12). In order to prevent 
such a combination of corrosion and rupture, the mere 
prevention of corrosion appears to be sufficient, and 
this may be effected by avoiding any strain hardening. 

In this case the recommended formulas (1) and (2b), 
originally developed only with a view to preventing 
severe strain hardening, may also be applied to prevent 
severe local stress corrosion followed by rupture. 

It is obvious that, for the use of the formulas men- 
tioned, only the stress range counts, and not the total 
stress including residual stress, The latter has no in- 
fluence on the strain hardening, as has been shown in 


section 8. 
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Fig. 14 Comparison 
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A further important conclusion is that the allowable 
stress range is related to the yield point of the material, 
and not to the ultimate tensile strength or fatigue limit, 


assuming that the fatigue limit for 25,000 stress cycles 
is above the yield point, which is the case for normal 
pressure vessel steels. Only in very exceptional cases, 
for steels with a relatively very high yield point, has the 
fatigue strength to be taken into account. 


10. Out-of-Roundness of the Cylindrical Shell 
Equations to measure the stress due to out-of-round- 
ness have been developed by Marbec* and Haigh.’ 
Carlson and McKean* showed that the stresses thus 
calculated closely agree with the measured ones. 

The maximum radial deviation can easily be meas- 
ured as a routine inspection, as will be shown. 

In nearly all cases the maximum deviation of the 
nominal radius occurs at the longitudinal weld. The 
total maximum deviation is considered to be a summa 
tion of a deviation due to ovality hy (Pig. 7) and a local 
deviation Ah, due to shrinkage of the weld. 

First the diameters D,; and Dz, Fig. 7, have to be 
measured. It follows from Fig. 7 that 

dD, Dy 4ho + h, (4) 


With the aid of a measuring bridge shown in Fig. 8 
the local deviation Ah; can be rather closely approxi- 
mated, so that the total deviation h ho + h; can be 
calculated 

The measurement is based on the assumption that 


c, Fig. 7, is the center of gravity of the cross section 
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Fig. 15 Measurement of the mean out-of-roundness 
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In reality the center of gravity is higher (assuming the 
deviation is as indicated in Fig. 7 the cirele from 
which the out-of-roundness has to be measured thus 
lies also slightly higher. The measured deviation is 
therefore slightly greater than the true deviation. 

As the out-of-roundness is very small compared with 
the radius of the shell, it can be proved by the theory of 
Marbec* that Haigh’s formula can be simplified as 
follows 

h 


where go, is the maximum bending stress, o,, the circum- 
ferential membrane stress, A the maximum radial dis- 
placement, ¢ the shell thickness, » Poisson’s ratio, 2 
Young’s modulus and FR the mean radius of the shell. 
The formula is based on the fact that for small de- 
viations an arbitrary out-of-roundness, A in Fig. 9a, 
gives the same maximum stress as occurs in a real oval 
with same out-of-roundness in Fig. 9b 
(As the deviation 4 measured is slightly greater than 
the true deviation, the calculation is on the safe side. 
In Fig. 10 a graph is shown, giving the permissible 
out-of-roundness ratio h/t versus D/t for various values 
of o,(in kg/mm om, E equal 
to 2.1 & 10* kg/mm?*(30 10° psi) and v = 0.3. 
According to many codes the difference between two 


*) assuming that o, 


diameters at right angles to each other shall not exceed 
by /; of the nominal diameter If the shell is a real oval 


this requirement makes it necessary that h = 0.25 


Fig. 16 Stress concentration factors for domed 
ends 
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(D, — De) ~ 0.0025D; if the deviation is entirely local 
(no ovality), h D, — D, = OO1D. Both lines are 
shown in Fig. 10. As the usual real value of h is be- 
tween the two lines mentioned, and the majority of 
the out-of-roundness lines shown are also between these 
two limits, the assumption o, = */;0, seems to be very 
reasonable and can be used for acceptance of the vessel, 
being in accordance with good practice. 

The permissible limits shown in Fig. 10 can thus 
easily be adhered to by the manufacturer. It is there- 
fore proposed to limit the out-of-roundness as shown in 
Fig. 10. The maximum stress in the shell is then lim- 
ited to 1*/; a». Such a method of stress limitation is 
far more logical than the usual requirements given in 
nearly all codes. Measurement of the out-of-round- 
ness a8 4 routine test presents no difficulties, and has 
been carried out in the Netherlands for many years. 


11. Weld Efficiency 


In section 8 it was proved that the highest total stress 
in & vessel is equal to the yield point of the steel, 
irrespective of the stress range. This means that the 
use of a weld efficiency factor, which reduces the stress 
range, does not reduce the total stress. Consequently, 
the use of a weld efficiency factor is not logical as re- 
gards total stress, and as regards prevention of cor- 
rosiol, 

This fact is known, for vessels containing corrosive 
media have to be heat treated, irrespective of the weld 
efficiency used. If, however, the influence of corrosion 
can be ignored, it is not the total stress, but the stress 
range which has to be considered. The next question 
should therefore be “how does the stress range change 
if a weld efficiency factor is introduced?” 

This question can be answered as regards the longi- 
tudinal weld of the cylindrical shell. 

It is a known fact that distortion due to welding in- 
creases approximately in proportion to the number of 
beads, or, in other words, in proportion to the plate 
thickness. The ratio h/t may therefore be assumed to 
be constant for each weld efficiency. 

Assuming a membrane stress o, = 10 kg/mm.’ 
(14,200 psi), 10*kg/mm*(30> 10° psi) and v 
0.3; taking the weld efficiency 1.—, 0.9, 0.8 and 0.7, 
and a R/t ratio of 100, 90, 80 and 70, respectively, 
the stresses of Table | can be calculated in accordance 
with eq 5. 


Table | *-—Influence of Weld Efficiency on Total Stress Ranges 


Radial 
deviation, Weld efficiency factor, kg/mm? 
A/t 1.0 0.9 08 0.7 
Radial 
deviation, Weld efficiency factor, kg/mm* 
h/t 1.0 0.7 
0.618 12.00 11.44 1098 10.7: 
1. 236 14.00 13.88 14.00 14.44 
1 854 16.00 16.32 16.94 18.16 


* Table is not to be used in connection with the Netherlands 
code because the weld efficiency factor is used therein in the cal- 
culation of the permissible out-of-roundness. In this code, 
therefore, the weld factor does in fact give a reduction of stress, 


50-8 Kerkhof—Pressure Vessel Stresses 


It seems to be a fairly good approximation to state 
that the mean value of the total stress range in a cylin- 
der is constant, dependent on the theoretical value of 
the membrane stress used in the formula, but independ- 
ent of the weld efficiency factor used. 

Furthermore, many pressure vessels work at higher 
temperatures. The temperature stresses (especially 
during the heating up and cooling down periods), which 
have to be added to the stress range calculated in Table 
1, are approximately proportional to the plate thick- 
ness. Consequently, the stresses in the case of low 
weld efficiency factors or thick plates are still higher 
than in the case of thinner plates. 

The only conclusion that can be drawn is that the use 
of a weld efficiency factor decreases neither the total 
stress nor the total stress range in the cylindrical shell, 
and is therefore illogical and uneconomical. 

There are even reasons to believe that it is safer to 
use a weld efficiency factor as high as possible, as will 
be shown in the next section. 


12. Defects in the Weld 


The theory developed above applies both to stress- 
relieved and to nonstress-relieved welds without de- 
fects. As soon as a weld contains defects, the stresses 
near the defects are totally different from the values 
calculated. In this section, the question of the possible 
influence of a defect on the strength will be investigated. 

Since a defect has an effect similar to that of a notch 
in a tensile bar, it will be useful to investigate first what 
the influence of such a notch will be on the strength. 

Curve A of Fig. 11 shows a tensile curve of an un- 
notched test bar. 

Curve B shows the maximum stress in a test bar with 
a rounded notch. The stress shown represents the 
maximum tensile stress in the root of the notch; the 
strain is assumed to be measured at the same place. 
The first part of the curve, representing the elastic 
state, is steeper, yielding occurs at a higher stress, the 
ultimate tensile stress is greater, and the strain is less, 
as compared with the bar without a notch. 

Curve C gives a tensile curve for a bar with a sharp 
notch. In this case, the curve does not show any elas- 
tic stress at all. Even under the slightest load, yielding 
occurs in the root of the notch at a rather high stress 
In the case of a crack, yielding occurs at a stress which 
is about 2.5 times the yield point—here again, of course, 
under the slightest load. The stress is thus independ 
ent of load and material thickness. 

If the material cannot yield, the stress in the root 
of the notch will be much higher than 2.5 times the 
yield point. In this case, however, the maximum stress 
is indeed dependent on the load and the plate thickness 

These properties of yielding and nonyielding material! 
are very important in further analysis. 

Figure 12a shows part of the stress range of a cylindri- 
cal shell without cracks (OQ). In the same figure a 
tensile-compression curve N’‘H'C’OABN given, 
representing the stress at the edge of the sharp crack, 
shown in Fig. 126. 
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Without crack, the stress range shown in Fig. 126 is 
the sum of the membrane stress /-/ and the stress due 
to out-of-roundness, resulting in a total stress //-//. 

If the dimensions of the crack are small compared 
with the amount of surrounding sound material, it is 
obvious that the crack will be forced to follow the move 
ment of the sound material during loading and unload- 
ing. The strain in the root of the crack will thus be the 
same as the strain in the material without notch. This 
strain is caused by the stress range S7', and is shown in 
Fig. 12a as the line OS. 

The real stress near the crack is already 2.5 times the 
yield point at the slightest load. This stress curve is 
shown in Fig. 12b—curve /’AA’, The maximum stress 
under a very small load is also shown in Fig. 12a—OA. 
If the load is now increased to such a value that the 
total strain equals OS, the stress in the root of the crack 
is forced to follow the curve AB. This means not only 
that strain hardening occurs, but also that the sharp 
edges of the crack have been slightly rounded off, 
thereby enabling the material to follow the movement 
OS, 

During unloading the stress follows the straight line 
BC. At point C reverse yield occurs, so that during 
further unloading the line CD parallel to C’D’ is fol- 
lowed. The line BC is less steep than OA owing to the 
fact that the root of the crack has slightly rounded off, 
as shown in Fig. 11 by the difference between curves C 
and B. During reloading first the line DE//BC is 
followed, and then EF//BF’. Some strain hardening 
has again occurred, and the root of the crack is slightly 
more rounded off. During further loading and un- 
loading the lines FG, GH, HK, KL, ete., respectively, 
are followed. After a certain number of stress cycles 
the limit will be reached and the stress varies between 
M’ and M. No further yielding or strain hardening 
occurs; the following stress cycles are fully elastic 
Consequently, the stress MS as shown in Figs.12a and 
b is now dependent on the load or the strain OS and on 
the plate thickness. If MS is greater than the rupture 
or fatigue stress NP, rupture occurs; if MS is smaller 
than NP, no rupture occurs. 

When a weld efficiency factor is introduced, for in- 
stance, for a nonradiographic vessel, the plate thickness 
will be greater than before, as shown in Fig. 12¢ 
According to the previous theory, however, the stress 
values in the cylindrical shell are about the same in the 
case of both thick and thin plate. This means that 
the strain OS does not alter. The maximum stress 
occurring after a certain number of stress cycles is now 
again totally elastic and is also dependent on the same 
strain OS and the plate thickness. 

It is a known fact, however, that, given the same 
dimensions of crack and the same mean strain, the 
thicker the plate, the greater will be the elastic stress u 
the root of the crack, Consequently, the stress M,S, 
will be greater than MS 

It is also known that the tensile properties and prob 


ably the fatigue properties will be less for a thicker 


plate and greater for a thinner one, assuming both 
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plates to be made from the same material. This means 
that the rupture stress NV ,/’ for the thick plate will be 
smaller than the stress VP for the thin plate. 

Introduction of a weld efficiency factor therefore in- 
creases the tendency to rupture 

Furthermore, the thicker the plate, the more diffi- 
cult it is to weld and the greater the tendency to erack, 

Consequently, a weld efficiency factor has an adverse 
effect on the strength of a cylindrical shell, and should 
The plate thick- 


ness should be as small! as possible, or as close as possible 


not be introduced in the cal ulation 


to the limits given by eq | or 2b 

This conclusion remains valid when internal stresses 
occur. The present theory is only based on the stress 
range, which is independent of the internal stresses, 
The stress range near the notch is so great that the in- 
ternal stress vanishes totally during the first loading, 
in the same manner as shown in Fig. 4. Nonstress- 
relieved vessels should therefore also have a weld 
efficiency of 100%. 

Irom this theory it follows that there is no relation 
between hydrostatic test and rupture in service, Dur- 
ing the hydrostatic test the strain OS’ will be higher 
than OS. The corresponding stress B’S’, however, is 
in nearly all cases lower than the stress MS occurring 
after a certain number of stress cycles. 

It is furthermore clear now that if a crack is formed 
owing to corrosion, the stress range increases, causing 
rupture after a certain number of stress cycles as men- 


tioned in section 9. 


13. Established Practice 

An important factor in achieving a good result with 
regard to the allowable stresses, is the study of estab- 
lished practice. A very good example of established 
practice is the API-ASME code. The first code, issued 
in 1934, gave a table of design stresses for welded car- 
bon steel which has remained practically unchanged 
ever since. It is known that, as early as 1928, before 
the first edition of this code was published, welded 
vessels for the oil industry were being made in accord- 
ance with those same principles for the design stresses 
as were tabulated later on. 

Furthermore, in the oil industry nearly every service 
temperature occurs, from atmospheric temperature to 
temperatures above that at which creep of the material 
starts, in combination with nearly every possible pres- 
sure. Last but not least, the number of vessels manu- 
factured according to this code is very great and may be 
comparable with the number of boilers manufactured 
in the same years all over the world 

In nearly all countries having an oil industry the 
API-ASME code is used and accepted by the engineers, 
Inspectors and authoritie 

If, on the following pages, reference is made to this 
code, it means that the oldest established practice for 
welded pressure vessels is followed 

Unfortunately, the design stresses in this code at 
the temperature range under consideration are not 
based on the hot yield point of the steel 
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Statistical data for the hot yield point are known in 
the USA, but are not guaranteed by the steelmakers. 
If we compare the minimum yield point curve avail- 
able* with the yield point curve guaranteed by the Ger- 
man manufacturers, both for boiler quality steel, it 
will be seen that the data are in very good agreement as 
is shown in Table 2. 


Table 2—Comparison of Minimum Yield Point Curves 


oy = ultimate tensile strength at room temperature; oy = mini- 
mum yield point at atmospheric temperature; aye = minimum 
yield point at 650° F (343° C) 


Gu, Tu, 
Type of steel kg/mm? pet 
USA-ASTM A 285 
Grade C 0. 581 0 600 39 55 , 000 
German Hy 0 600 0. 584 35 50,000 
German Hu 0 58S 0 600 58, 000 


It is believed that the manganese-carbon ratio has an 
influence on the yield point value. 
For American steel Mn/C = about 3.2 
For German steel Mn/C > 2.5 


In many cases the manganese-carbon ratio may thus be 
the same for both types of steel. 

The rate of loading during the tensile test is practi- 
cally the same for steel in both the countries under con- 
sideration, It can thus be concluded that the American 
and German steels under consideration are practically 
the same. Consequently, as the German minimum 
values of the yield point are guaranteed, the American 
data mentioned can be considered as real minimum 
values which can be used in calculation. 

According to the API-ASME code the design mem- 
brane stress is constant up to 650° F (343° C), and 
equal to 

The yield point at 650° F (343° C) is, according to 
Table 2, equal to 0.6 & O.58le, 

Consequently, since 1934 the design membrane 
stress at 650° F (343° C) according to the code men- 
tioned has been 0.72 eyo. It is also important to men- 
tion here that, in the oil industry, temperatures from 
300° C (570° F) to 500° C (950° F) are frequently used 
for pressure vessels of large as well as small size, and 
high as well as low pressures, so that the calculated de- 
sign membrane stress of 0.72¢y0 to be permitted at 
343° C or 650° F is, in fact, based on the established 
practice of at least 20 years. 


14. Calculation of the Allowable Stress Range 
at 650° F (343° C) for Localized Stresses in 
Carbon Steel 


In this case it is assumed that the parts subject to 
high stresses are surrounded by fully elastic material, 
so that eq 2b applies. It seems logical to use eq 2b 
without a safety factor, assuming that the theory put 
forward is true. On the other hand, it will be seen that 
some factors have to be used in eq 2b in order to guaran- 
tee safe operation. These factors, however, are not 
safety factors. The real difference between them and 


0.3490, 0 
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a safety factor is that they can be logically estimated or 
calculated. 

Attention is drawn to the theory described in section 
6. This theory is based on the fact that repeated yield- 
ing, in compression and/or tension should not occur. 
This characteristic of behavior will be used in estab- 
lishing some of the factors mentioned. 

If the theory under consideration is accepted, eq 2b 
can be used for the design, provided that the total stress 
range is known and that no other phenomena interfere 
with the theory. A special phenomenon, however, 
which has an influence on eq 2b, is stress relaxation at 
higher temperatures. It is known that at higher tem- 
peratures, say above 300° C (570° F), stress decreases 
gradually with time. Relaxation tests have shown 
that, at the temperature under consideration of 650° F 
(343° C), when there is no restriction on relaxation, the 
total initial stress (= yield point) relaxes to about 
75% of the original value. In reality there are restric- 
tions on relaxation, since only the statically indeter- 
minate stresses can relax. As only some of the stresses 
can relax, the stress after relaxation at 650° F (343° C) 
is greater than the 75% mentioned in the test above. 

If, however, the 75% mentioned is accepted for cal- 
culation, the assumption is on the safe side. To ob- 
tain more accurate values, further investigations have 
to be carried out. 

Owing to relaxation, the following occurs (see Figs. 
13a and b). 

In Fig. 13a the stress range is supposed to be too 
great, but smaller than 2oye0. The theoretical elastic 
stress is equal to BC’, the real stress just after loading 
equals CC’, Owing to relaxation this stress decrease to 
DC’ 2 ea 0.75 CC’. During unloading the theoretical 
stress follows the line DF. But at point F reverse yield 
occurs, 80 that the real stress follows the lines DEG. 

During subsequent stress cycles reverse yield occurs 
until point /, corresponding to point H of the stress- 
strain curve, is reached. It is clear that, owing to re- 
laxation, repeated yielding may occur in the non- 
loaded conditions, resulting in brittle material. It is a 
fact that in such cases brittle rupture sometimes occurs 
in the unloaded condition at low atmospheric tem- 
perature, 

No reverse yield occurs, according to Fig. 13h, if 
the stress range due to load (C’B = E’D) plus the 
relaxed stress DC is smaller than or equal to about 
2a,es0, OF if: 

Cw 1.750 yes0 (6) 
L.ldowe (Ga) 


This means that the stress range should be smaller 
than according to eq 2b. 

The relaxation seems to be a disadvantage from the 
point of view of the allowable stress range. As regards 
corrosion, the relaxation is advantageous, because the 
total stress, including the residual stress, diminishes 
gradually with time. 

At high temperatures, temperature stresses always 
In the case of vessels insulated in the usual way, 


occur. 
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Table 3— Calculated Stresses in Drumheads Compared with Good Practice 


0.20 0 
0.01 

R/D 02 1.13 

r/D 0.129 

r/R 0.059 0.114 

6.79 
C (API 2 769 


20 
O4 
13 

120 
114 
S4 

782 


d/D 


3.87 
2.847 1.699 29 | 
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Ol 0 
76 0 
224 0 


295 0 


30 
76 
224 
205 
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the temperature stresses during service can be ignored 


During the heating up and cooling down periods, how- 


ever, extra temperature stresses occur which cannot be 
ignored, 

It is obvious that the temperature stress can be 14°, 
eq 6a, of the stress range without doing any harm 
This value seems high enough. 

In many codes the allowable pressure accumulation 
This 


is lower than the accepted 14°, for stress relaxation 


during blowing of the safety device is 10% value 


After these discussions it will be clear that eq 6 or 6a 
The 


range ow. in eq 6 and 6a now refers only to the stress 


can safely be used for the calculation. stress 
range due to the internai pressure. 

In all cases a factor still has to be used which ex 
presses the accuracy of the strength formula. The final 
form of eq 6 may thus be as follows: 


Otot 1.7 (4) 


The factor @ equals unity in very accurate strength 
formulas. In other, less accurate formulas, a@ is smaller 
than unity. a can be found by comparing the calcula- 
ted stresses with the measured ones. 


includes the effect of the tolerance of manufacture. 
15. Calculation of the Allowable Stress Range 
at Temperatures below 650° F (343° C) for 
Localized Stresses 

It is reasonable to assume that eq 2b applies at all 
At 


extra temperature stresses nor a stress relaxation occur. 


Furthermore, 


temperatures, atmospheric temperature neither 


It is, however, necessary to reckon with a 10°) pressure 


accumulation. Consequently eq 7, which allows 14° 
accumulation, is slightly on the safe side, and may be 
used, 

The general equation valid for all temperatures below 
650° F (343° C) and above the transition temperature is 
thus 
(8 


Trot 


The hydrostatic test is also carried out at atmospheri« 
temperature, at a pressure higher than the working 


pressure. As the high stress during the test only occurs 


onee, and the stress under consideration is presumed to 
be so local that severe deformation cannot occur, no 
strain hardening will occur during the test. Conse- 
quently the influence of the hydrostatic test can be ig- 


nored in the formula proposed for localized stresses, 
16. Comparison with Established Practice 

The local stress ranges under consideration occur for 
in \ study of the in 
drumheads is very attractive because of the following: 


instance drumheads stresses 


(a) An exact calculation of the stress is possible, 
(bh) 


out on the outer surface as 


Many stress measurements have been carried 


well as on the inner surface, 
(In order to be sure of the measured stresses, only 
measurements carried out externally as well as iiter- 
nally have been taken into account.) 

(c) In the oil industry many drumheads have been 
used at temperatures of about 650° F (343° C) where, 
according to section 13, the design membrane stress is 
0.72eye0. It should be stated here that in the oil in- 
dustry there is a preference for ellipsoidal heads with 
depth to diameter ratio 0.25. Although shallower 
heads have also been used, most experience has been 
gathered from use of the ellipsoidal heads mentioned. 


(d) 


quently, no weld efficiency factor has been used for the 


In many cases the head has no weld. Conse- 


calculation. The comparison is thus not dependent on 
a certain weld efficiency factor. 

(e) As far as the author knows, no rupture of a 
drumhead has ever occurred, the conclusion from which 
is that the stresses used in the API-ASME code are 
permissible, 
has 


In many codes the stre to be caleulated by 


using a simplified formula 


( 


where P is the internal pressure, ) the external diame- 
ter, ¢ the head thickness, o the stress occurring and C a 
factor dependent on d/D, where d is the outside depth 
As stated, this formula 
should be combined with eq 8. In this case the factor 


of the drumhead., already 


C’ should be chosen in such a manner that o represents 


Table 4—Measured Stresses in Drumheads Compared with Good Practice 


0.22 
022 0. 022 0.024 
979 0.8389 0 
102 0.110 0.122 
105 0.124 0.137 
89 2.62 
548 32 1.300 


20 

O19 
100 
102 


9] 


d/D 0 21 0.22 
t/D 3 0 
R/D 0 
r/D 0 
r/R 72 O 
3 
C (API) 2! | 


) 


() 28 
100 


0.27 


0.070 O 


0 26 0 
0050 0 060 


26 


0.26 0 26 
0.024 0 025 


0 26 
0.0138 
804 
0 188 24! hel 
0. 203 


62 1 61 
0 944 


0 067 0. 967 O 975 1.015 O 963 


d = outside depth of drumhead. t = thickness of drumhead 


drumhead. r outside heel radius of drumhead 
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= outside diameter 


of drum cylinder. R = outside crown radius of 


Vessel Stresses 


0 
0 
0 
0 
0 
| 
0.915 0 
| 
135 
0. 786 
145 pacidal 
0.181 pecidal 
| 1056 1.168 0.044 
1.056 1.168 0.944 


the equivalent uniaxial stress range o,,, according to the 
shear strain energy theory. For purposes of com- 
parison with real stress measurements or very accurate 
calculations, the factor a in eq 8 is equal to unity. 

As PD/2t equals the membrane stress 6,, in the cylin- 


drical shell, eq 9 can be written as follows: 


= (10) 
Om 

Table 3 gives values of C for accurately calculated 
drumheads, while Table 4 gives values of C for meas- 
ured drumheads as collected by Carlson and McKean.* 
The C values given are based on the shear strain 
energy theory. 

The stress concentration factors C (API), which are 
also shown in the table, represent values calculated with 
the API-ASME code formula 

In view of the ratio C/(C(API)] (which does not ex- 
ceed about 2.5), it follows from the table that the real 
maximum stresses occurring can be about 2.5 times as 
high as the stress allowed according to the API-ASME 
code, The allowable stress according to the API- 
ASME code at 650° F (343° C) is 0.72¢y0. The real 
stress in a domed end can thus be 


According to the proposed formula (assuming a@ 
1), the allowable stress is 1.75¢ye0 (eq 6). It is ob- 
vious that the proposed calculated allowable stress is 
on the safe side, and in accordance with 20 years of 
experience, 

It is worth while checking the formulas for atmos- 
pheric temperature as well. This is not possible in the 
case of drumheads, because the allowable stresses at 
atmospheric temperature according to the API-ASME 
code are too low compared with those allowed according 
toeqs 

Fortunately, a comparison with flanges makes it 
possible to check eq. 8. Here also the API-ASME 
code will be chosen for this comparison, because many 
vessels exist in the oil industry which are subjected to 
rather high pressures at atmospheric temperature. 
Furthermore, for the calculation of flanges no weld 
efficiency has to be taken into account, and so here 
again, our basis of comparison is real. 

At atmospheric temperature the allowable stress in 
the hub of a flange according to the API-ASME code 
is: 


o 0.650, (see table 2) 


According to the code mentioned, the allowable 
stress for carbon steel bolts is 7000 psi (4.9 kg/mm’). 

Accurate bolt stress measurements of carbon steel 
bolts have proved that all bolts are stressed up to the 
yield point, which is at least four to five times as high as 
the assumed stress in the bolts. 

Consequently the stress range in the hub will also 
be about four to five times the calculated stress or 


4-5 X 0.650, = 2.000, — 3.250, 
which is appreciably higher than the stress according to 
eq 8. 
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The stress in a flange can be calculated very accu- 
rately, so that a may be taken equal to 1. 

As far as is known, rupture has never occurred in the 
hub of a flange. It is thus clear that eq 8 gives very 
safe stress values for flanges at atmospheric tempera- 
tures. But in this case eq 8 may also be used at atmos- 
pheric temperatures and other temperatures for domed 
ends, ete. 


17. Calculation of the Allowable Stress Range 
for the Cylindrical Shell at 650° F (343° C) 

The stresses in the cylindrical shell are not localized, 
but are distributed over a large area. As strain harden- 
ing ought to be avoided, in this case the total stress 
range should not cause yielding throughout the whole 
thickness of the plate, as discussed in section 5. Con- 
sequently the stress range should be much smaller than 
according to eq 8. 

Whether or not yielding occurs throughout the whole 
plate, thickness can be calculated with eq 1. 

In section 10, it is proposed that the out-of-roundness 
should be limited in such a way that the extra bending 
stress does not exceed 

When o) = */s¢m in eq 1, yielding occurs throughout 
the whole plate thickness if: 

am = (11) 
or 
= Om + = (lla) 

In the same manner as for local stresses, the question 
whether some restrictions are still necessary now has to 
be investigated, 

First of all, as regards the cylindrical shell the for- 
mulas used for calculating the stresses are in agreement 
with stress measurements. The measurement of the 
out-of-roundness as described in section 10 is on the 
safe side. The calculated stresses are therefore ob- 
viously on the safe side, in consequence of which no 
extra factor a has to be included to compensate for 
inaccuracy of the stress formula. 

Furthermore, o;,, should be the equivalent stress 
according to the shear strain energy theory, which is 
not the case in eqs | and la, If the shear strain energy 
theory is applied, the factors 0.81 and 1.35, of eqs 1! 
and Ila, respectively, will be slightly greater. Conse- 
quently, eqs 11 and 11a are on the safe side, despite the 
fact that they are a rather rough approximation. 

The total stress, 1.35¢,, is about 77°) of the value 
1.750, allowed for local stresses—eq 8. Consequently, 
reverse yield after relaxation at high temperatures can- 
not occur. 

In section 14 a factor of 1.14 has been used, not only 
for the relaxation but also to allow some extra tempera- 
ture stresses during heating up and cooling down. If 
the same factor is used here, the allowable stress will be 


O81 
ln = 0.7le (12) 
and 
1.35 
Prot = = 1.200 yes0 (12a) 
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It is obvious that at the same time a sufficient allow- 
ance for 10% pressure accumulation during blowing 
of the safety device has been included. 

The allowable membrane stress ¢,, O.7loyeso is in 
such close conformity with the stress allowed according 
to the API-ASME code (¢,, 0.72¢,e50), that there will 
be no doubt that the proposed theory can be used. 


18. Calculation of the Allowable Stress Range 
for a Cylindrical Shell at Atmospheric Tem- 
perature 

Since at this temperature no temperature stresses 
occur, but the 10°) pressure accumulation is still re- 
quired, eqs 12 and 12a seem to apply. 

At this temperature, however, the hydrostatic test 
is carried out. The stress under consideration is now 
distributed over a large area, and is not local. This 
means that yielding due to the test pressure may cause 
impermissible strain hardening. If the test pressure is 
assumed to be at the most 1.3 times the working pres- 
sure, it is obvious that during this test impermissible 
yielding and strain hardening occur if eq 12 is used 
For the hydrostatic test the allowable stress should 
therefore be less than according to eqs 12 and 12a. 

Assuming at atmospheric temperature an allowable 
membrane stress 


0.600, 


m 
or an allowable total stress 
l.—g, 
the membrane stress at the test pressure is 
1.3 X 0.60 = 0.780, 


Assuming the bending stress to be proportional to the 
pressure, which is not always true, 0.780, is about 97% 
of the stress causing vielding over the whole cross 
section (eq 11). 

Apart from the hydrostatic test, there are still other 
reasons Why the allowable stress at atmospheric tem 
perature should not be too high 

These reasons can be summarized as follows 

(a) ‘The pressure accumulation should not be higher 
than the permitted 10°; However, this is only a 
calculated value for application to normal circum- 
stances. In abnormal cases, for instance during a fire 
(in the oil industry), the pressure accumulation may be 
considerably higher, say 20 or 30%. Should the high 
stresses be local, an occasional high stress has no in- 
fluence at all; only repeated high stress cycles have any 
influence. For the cylindrical shell, however, the very 
first time the stresses exceed the critical value of eq 1, 
an impermissible strain hardening occurs—-Fig. 2¢ 

(b) If the material y ields over the whole cross sec 


tion, a triaxial state of stress, due to the difference in 


yield point between the weld and base material, occurs. 


This state of stress may be dangerous, and should 
therefore not occur. At higher temperatures the differ- 
ence in yield point between weld material and base 
material is less pronounced 

(c) The shape of the stress-strain curve at atmos 
pheric temperature is quite different from the shape at, 
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say, 650° F (343° C), as shown in Figs. l4a and bh. 
Assuming that at both temperatures the stresses are 
given as a particular fraction of the yield point at work- 
ing temperature, the deformation at the low tempera- 
ture is much greater than at the high temperature. 
It seems that the deformation at the high temperature 
is still acceptable. At atmospheric temperature, how- 
ever, the possible deformation is not acceptable. 

(d) The stress relaxation occurring at high temper- 
atures does not occur at atmospheric temperatures, 
The advantage of this stress relaxation for cylindrical 
shells is that not only does the total stress, including 
the residual stress, decrease gradually, but the extra 
stresses due to out-of-roundness decrease at the same 
time. As the high stress is distributed over a large 
area, the only possible way in which the bending stress 
mentioned can decrease is by a simultaneous decrease 
in the out-of-roundness, Consequently, the stress 
range also decreases. The calculated high stress range 
at high temperatures therefore only occurs at the be- 
ginning of the life of a vessel, but soon decreases to a 
lower value. For this reason, at high temperature 
some extra safety is available which is not available at 


atmospheric temperature 


19. Allowable Stresses for Cylindrical Shells 
Between Atmospheric Temperature and 650° 
F (343° C) 

It is recommended that the fraction of the yield point 
for calculating the allowable membrane stress should in- 
crease gradually from 0.60 at atmospheric temperature 
to 0.72 at 650° F (343° C 

It is difficult to calculate the equation for this de- 
crease \s a first approximation, however, a straight- 
line relation will be chosen, this being simple and 
probably accurate enough 


The stresses proposed are shown in Table 6 


Table 5—Design Membrane Stresses in Cylindrical Shells 


Temp., ° ¢ 20 75 130 185 205s 
Membrane 


stress, oy 0600 082 064 066 O68 0.72 


hot vield point 


20. Local Out-of-Roundness 

The allowable membrane stresses given in Table 5 
can only be safely adhered to if the out-of-roundness is 
limited in accordance with Fig. 10. For measuring the 
out-of-roundness the Jength of the cylinder should be 
subdivided into parts, each having a length of '/,D 
see Fig. 15-—and the out-of-roundness of each part 
should be found, as described in section 10. The combi- 
nation of five values which gives the greatest mean value 
of the out-of-roundness occurring over a length of the 
cylinder equal to the diameter can then be calculated, 
According to Fig. 15 the greatest mean value is 

lim ("/ahig + hg + he + + 4 (14) 


This calculated mean value shall be below the limit 
shown in Fig. 10. 
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i 

(13) 

(Ida 


Such measurements have been carried out by the 
boiler inspection authorities in the Netherlands for 
many years and present no difficulty at all. 

Attention is drawn to the fact that the greatest mean 
value of the out-of-roundness, as occurring over a cer- 
tain length of the cylinder, is measured, and not the 
maximum value “hg” in Fig. 15. This is logical, be- 
cause the theory under consideration refers to stresses 
distributed over a large area. 

The maximum out-of-roundness can be considered as 
producing local stresses, so that here the theory as 
enunciated in sections 14 and 15 applies. 

Consequently, for the maximum out-of-roundness eq. 
§% has to be used-——o,,, 1.750,, assuming a = 1, and 
for the mean out-of-roundness eq 12a—oe,. = 1.200, 
(at 650° F--343°C). The total stress at a spot charac- 
terized by local out-of-roundness may thus be 1.75/ 
1.20 = 1.46 times the mean stress. A local out-of- 
roundness giving an increase in stress of 46% above the 
mean value defined above seems to be very unrealistic. 

Consequently, measurement of the mean out-of- 
roundness gives, at the same time, a safe limit for the 
local out-of-roundiess. 


21. Simplifications and Extra Safety Relative to 
Fatigue 

The necessity for uniformity in calculation has al- 
ready been mentioned. One simplification has been 
made by ignoring eq 2a for the local stresses. As eq 
2a is suitable for boilers and some pressure vessels, but 
not for all pressure vessels, the local stresses in boiler- 
type vessels may be higher. Equation 1, however, is 
the same for all types of vessel. For the sake of uni- 
formity eq 2b has been chosen, being applicable to the 
more severe cases. Consequently, the domed ends of 
boilers are considered as being less severely loaded than 
those of some pressure vessels; the cylindrical shells, 
however, have to be stressed to the same value in both 
CASES. 

Another simplification is proposed. From consid- 
eration of the allowable membrane stresses (design 
stresses) in the cylindrical shell, as shown in Table 5 and 
eq 8 for domed ends, it follows that the allowable stress 
in domed ends is about 2.4 @ times the design stress at 
650° F and 2.9 @ times the membrane stress at atmos- 
pheric temperature. 

According to the conventional method, it is usual to 
relate all stresses to the design membrane stresses. 
The advantage of this method is that only one design 
stress temperature curve for a certain material has to be 
given. If the conventional method is followed again, 
thereby accepting the good practice of many years, the 
local allowable stress should be some multiple of the 
design merabrane stress, which is independent of the 
temperature. For safety’s sake the lowest factor has 
to be chosen. 

The design membrane stress is given in Table 5. 
The allowable local stress raiser can now be calculated 
by multiplying the design membrane stress according 
to Table 5 by the factor “2.40a,”" or: 
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Gur L = (15) 


where o,, L is the magnitude of the local stress range 
and a a factor dependent on the accuracy of the for- 
mula used, 

Recent investigations on high strain fatigue’ have 
shown that the fatigue properties may be considered 
to be constant up to 650° F (343° C). As the yield 
point has its greatest value at atmospheric tempera- 
ture, the lowest safety factor relative to fatigue is 
available at this temperature. Making the allowable 
stress range as proposed, all usual carbon steels and 
alloy steels are safe from high strain fatigue. 

In this manner, the conventional method is followed 
again. At the same time the relative increase of the 
design stress at increasing temperatures, as proposed in 
Table 5, has become very reasonable. 

22. Calculation for Domed Ends 

It was mentioned in section 16 that most experience 
in the American oil industry has been obtained with the 
use of ellipsoidal heads. On the continent of Europe 
the high-stressed boilers and pressure vessels have bas- 
ket-handle-shaped ends, in which the stresses are nearly 
the same as in ellipsoidal heads. As far as is known, 
rupture has never occurred, On the other hand, as re- 
gards shallow-shaped heads corrosion bas sometimes 
been found in the knuckle radius. The conclusion is 
that heads having a depth to diameter ratio of about 
0.25 are safe if calculations are carried out in the normal 
way, but that heads having a smaller depth to diameter 
ratio are sometimes stressed too highly, judging by the 
local corrosion found. If this conclusion is true, it 
should be possible to corroborate it with the help of the 
above theory. 

The exact calculation of stress in domed ends is too 
complicated for normal use. Awaiting the develop- 
ment of good simplified formulas the following approxi- 
mation is proposed for the time being 

PD 


L (16) 


where /’ is the internal pressure, D the external diam- 
eter of the vessel and ¢ the thickness of the head. As a 
result of many measurements Carlson and McKean" 
drew up curves for C as shown in Fig. 16. C is depend- 
ent on the t/D ratio and the d/D ratio, where d is the 
external depth of the head. The factor C is given in 
such a manner that o,,. , equals the equivalent uni- 
axial stress according to the shear strain energy theory. 
According to section 21, eq 15 can be written 


2.4008, = C (17) 


where @,, refers to the design stress. 

In the paper mentioned’ the stresses calculated in 
the exact manner are also plotted in the figure, and from 
the deviations occurring the factor a@ is estimated at 
about 0.80, so that eq 17 can be transformed into 


(18) 


or 
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_PD 
24 = 
= 


CPD 

In Table 6 the value C/2 of Carlson and McKean 
Fig. 16-——is compared with the same value according to 
the API-ASME code and the Swedish pressure vesse! 
code, for the usual head shapes 

The comparison with the API-ASME code is made 
because this code allows a stress at 650° F (343° C) of 
The Swedish 


code allows 67°% of the hot yield point, but in no case 


0.72¢,e0, the value shown in Table 5. 


does it allow more than 67°% of the yield point at 150° 
C (302° F). According to the new proposal, Table 5, 
67° of the yield point is allowed at 200° C (392° F) 


‘ 


Furthermore, 67° of the yield point at 150° C will 
be very close to 60° of the vield point at atmospheric 
temperature as recommended in Table 5. There are 
thus three temperatures at which a comparison be- 
tween established practice and the proposed theory is 
possible. 

As the C/2 value shown in Table 6 is proportional to 
the head thickness, it follows that eq 18a gives thick- 
nesses for ellipsoidal and basket-handle-shaped heads 
which are practically the same as those calculated with 
the formulas of the codes mentioned. According to the 
same table the thin-walled shallow heads should be 
thicker than according to the codes referred to. This 
is in agreement with the experience mentioned, viz., 
that corrosion sometimes occurs in thin-walled, shal- 
low heads. 

As there is now very good agreement between the 
findings of the theory and the results of established prac- 
tice at atmospheric temperature, 200° C (392° F) and 
650° F (343° C), this comparison is also a proof that the 
theory as a whole is in conformity with good practice 


23. Calculation for Parts Other than Domed 
Ends and Cylindrical Shells 


The genera] equations for al] parts of pressure vessels 
will be: 
(a) for local stresses 


Ort 2 1Oad,, (15) 
(b) for stresses distributed over a large area 
(19) 


The value @, in these equations is the stress tabu- 
lated in Table 5, viz., the design membrane stress in the 
cylindrical shell, or the design stress. The real mem 
brane stress ¢, occurring in some part of the vessel | 


different from 


The factor @ indicates the accuracy of the strength 


formula to be used. (C can be caleulated with the aid of 


eq 1, as follows 


Assuming that 


A (20) 


eq 1 can be written: 


a AK? + 1 ay (21) 


which means that at the above value of o,, yielding 


takes place throughout the total plate thickness of the 


part under consideration 


The total stress is 


Trot = (K+ 1)iv! 1. | iK (22) 


According to eq 11 yielding takes place throughout the 
W hole plate thickness of the cylindrical shell if 


Om 


or 


(23) 


From (22) and (23), it follows that 


Neglecting a in eq 19, it follows that 


(K + 1 


the real membrane stress oc- 


where K Om, Tm 


uperimposed on the 


curring and the bending stres 


membrane stress. If only bending stress occurs 


(Om 0), 


(26) 


If eqs 15, 19, 25 and 26 are used, the safety limit is 


the same for all parts. Furthermore, the conventional 


are based on the design 
For values of the de- 


method, in which all stresses 


membrane stresses, is followed 


sign stress 3,,, see Table 5 


Equation 15 should be used for domed ends with a 


depth to diameter ratio not exceeding, say, 0.3, For 


sphe rical ends eqs 1Q and 25 should be used, because the 


stresses are distributed over a large area 


In the center of flat ends, square headers and boxes an 


impermissible deformation seems possible. Figure 26 


R, dD, R, 
= 0 169D, d, 
Type of head 
0.01 0 02 0 04 0 01 
C/2 2.56 2.01 1 36 1. 
C (API 1 74 1.71 1 64 1 51 
C (S) 2 03 2 06 2.13 1 47 


Table 6—Thickness of Domed Ends; Comparison with Existing Practice 


0.10D 0 1454D 
8D 
d, 0.264), 
haaket handle O 26D, 
0 04 0 01 0 U2 0 04 0 0 02 0 04 
1.23 1 02 0 0 1 0.0 0 85 
1.43 1.04 1 02 0 100 1 00 1 00 


r, = inside knuckle radius. D internal diameter of head 
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internal depth of head 
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on + Om K + Ie, Trot 
or 
= 
1/. Or : 
= A ri (20) 


is therefore recommended for application to this part. 
At the edges of flat ends, square headers and boxes, the 
stress is very local, so that eq 15 is recommended for 
application there 

Near nozzles the stress is local, so that eq 15 also 
applies there. 

It is clear that, assuming a reasonable calculation of 
the stress to be possible, the allowable stress can be 
calculated fairly accurately by means of this general 
theory. Furthermore, it follows that the allowable 
stress is not a constant value but depends on whether 
the stress is local or not, and, in the latter case on the 
magnitude K a,/om and the design membrane stress 
a,,, Which is a fraction of the hot yield point 7, aecord- 
ing to Table 5. 

The factor C may be called the allowable stress con- 
centration factor. 


24. Comparison with Various Requirements 
According to Existing Codes and Established 
Practice 

It has already been shown that the theory is in agree- 
ment with the API-ASME code for cylindrical shells 
and domed ends at a temperature of 650° F (343° C). 
Furthermore, it is in satisfactory conformity with the 
Swedish pressure vessel code for cylindrical shells and 
domed ends at atmospheric temperature and at 
200°C (392° F). According to the German and Italian 
codes the design stress is two thirds of the yield point, 
resulting in a curve giving slightly higher values below 
200° © (400° F), and lower values above 200° C 
(400° F), than those proposed for cylindrical shells. 
The thickness of domed ends according to the Italian 
code is about the same as proposed here. 

The differences between the stresses in the cylindrical 
shell in the new Netherlands code and the proposed 
stresses are very small, and ean be ignored. In this 
code, too, similar requirements for out-of-roundness are 
given. Consequently, the proposals discussed are in 
good agreement with established practice. The only 
difference between the proposals and the provisions of 
existing codes is that the former give more accurate 
rules for the allowable stresses for every possible stress 
distribution. 

A weld efficiency of 100°) is permitted in Germany 
and Holland in some cases, but not for nonstress- 
relieved vessels, 

The membrane stress permitted in the welds of 
storage tanks is about two thirds of the yieid point, 
being about the same value as proposed here with a 
weld efficiency of 100°). Rupture in storage tanks 
does not occur, apart from brittle rupture due to low 
temperatures. In service the shells of storage tanks 
corrode, It is known that corroded plates are replaced 


by new ones after the membrane stress mentioned has 
increased to slightly below the yield point. Further- 
more, many tanks are loaded and unloaded at feast 


once a day. 
Consequently, there is very good experience with 
nonstress-relieved vessels subject to even higher stresses 
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than proposed and of the same shape. The proposed 
value of the weld efficiency of 100°, for nonstress- 
relieved vessels is thus fully justified. 

In section 16 it was proved that the stress range in 
the hub of a flange in cold condition is greater than 
2e,. The maximum stress is then greater than a,, since 
some strain hardening has occurred because of the high 
stress range. During heating up the stress has to fol- 
low the yield point curve. 

A weld nearly always occurs in the hub at the spot 
where the stress has this maximum high value. 

The stresses in this weld are thus equal to or greater 
than the yield point at the temperature under con- 
sideration; the stress range is at least twice the yield 
point. Consequently, this weld is loaded in exactly the 
same manner as allowed according to the theory de- 
veloped. As far as is known rupture has never 
occurred in a hub. 

This means that, without realizing it, the boiler and 
pressure vessel maker has used stresses up lo the yield point 
with 100% weld efficiency for stress-relieved and non- 
stress-relieved, radiographed and nonradiographed vessels 
for many years with excellent results. The high stresses 
proposed and the high weld efficiency are thus based 
on established pressure vessel practice. 

All these examples prove that the theory proposed is 
safe. 

25. Conclusions 

(a) As a eriterion for rupture the fatigue limit for 
25,000 stress cycles has been chosen. However, as cor- 
rosion may cause cracks, which increase the stress range 
in such a way that rupture due to fatigue may occur at 
lower nominal stress, corrosion shall be avoided. Cor- 
rosion can be avoided if allowable stresses are limited in 
such a way that strain hardening cannot occur. 

(b) The maximum total stresses occurring are always 
equal to the yield point of the material. 

(c) From the point of view of rupture only the stress 
range is important. The internal stresses have no in- 
fluence on the strength. 

(d) Heat treatment has only to be carried out to im- 
prove the metallurgical properties of the metal, e.g., 
decreasing the yield point and the hardness. 

(e) The hydrostatic test provides no proof that a 
vessel is safe in service. The results of a bursting test 
have no relation to rupture in service. Only the re- 
sults of high strain fatigue tests can be compared with 
conditions arising from normal service. 

(f) For usual boiler plate steels the allowable stresses 
only relate to the yield point of the material. Only in 
very exceptional cases, at low temperatures, has the 
fatigue strength to be taken into account. 

(g) The value of allowable stress is independent on 
whether the stress is local or not, on the stress distribu- 
tion over the plate thickness and on the (hot) yield 
point in tension and compression. A calculation of the 
allowable stresses in various cases has been made. 

(h) No safety factor is required. The allowable 
stress can be calculated taking into account the stress 
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relaxation at high temperatures, temperature stresses, 
pressure accumulation during blowing of the safety 
device, test pressure and the accuracy of the strength 
formula used. As a result of simplification the con- 
ventional method of calculation can be used. 

(k) The use of a weld efficiency factor is not justified. 
There is reason to suppose that, within the given limits, 
the higher the allowable stress, the safer the vessel. 

(1) The high allowable stresses in the cylindrical shell 
necessitate more precise limitations of the local out-of- 
roundness 

(m) The theory proposed is in agreement with good 


practice, experience and investigations carried out 
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STIFFENERS IN WELDED PLATE GIRDERS 


By H. LOUIS AND F. CAMPUS 


Two types of welded plate girders, Fig. 1, were tested 
In Type | the stiffeners 
In Type IT they 
were welded to the tension flange. The girders were 8 


under static and fatigue load. 
were not welded to the tension flange. 


in. wide, 33 in. high. The distance between supports was 
18 ft 2in. The thickness of the flanges and webs was 
0.59 and 0.24 in., respectively. The mild steel had the 
average properties: yield 
38,000 psi; tensile strength 57,000 psi 
A thorough strain-gage study was made of the girders 


following mechanical 


strength 


during the static tests. 

In the static tests girder I failed at a computed stress 
of 36,000 psi. Girder II failed at 4% higher stress 
The results of the fatigue tests are shown in Table 1 
There were differences in elastic limit and weld quality 
in the two types of girders, which tended to obscure any 
difference due to girder design. Fatigue fractures in 
both types occurred in the tension flange at the stiff 
ener that was under the loading jack 

The general conclusion was reached that there was no 
fundamental difference between the two types of girders 
in static and fatigue loading. Unfortunately, the 
dimensions of the girders, particularly the thickness of 


Table 1—-Fatigue Tests on Welded Plate Girders, 250 


CPM 


Minimum Maximum No. of cycles at each strese 
stress, psi streas, psi Girder I Girder I 
8500 20 ,000 million million 
8500 21,400 million million 
22, 800 million million 
8500 24,200 million million 
10,000 25,600 500,000 (broke) million 
11,400 27 ,000 million 
12,800 28,400 640,000 (broke) 


Abstract of “Influence du Mode de Fixation des Raidisseurs Bur le Cou 

portement des Poutres & Ame Pleine published in Reo. soudure Hrussela, 
ll, 35-54 1055 The authors are associated with the University of Lieg: 

Abstract by Dr. G. E. Claussen 
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the plates, did not cor respond to the dimensions encoun- 
tered in the main girders of bridge Both types 
behaved well in the tests, with preference being given 
to Type Il Photoelastic 
concentration in the flange of Type Il where the stiff- 
no effects of this 


tudies showed some stress 


ener was attached Nevertheless 
were revealed by the load tests 


Section A-B 


Section C-D 


nae 


Fig. 1 Design of the two girders. The leg of the 
fillets was 0.17 in. Dimensions in millimeters 
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STRAIN ENERGY RELEASE RATE 
DETERMINATION FOR SOME PERFORATED 
STRUCTURAL MEMBERS 


Cast plastic specimens used lo make photoelastic 


studies of strain distribution. Experimental results compared 


with those oblained by theoretical determination 


BY EMMET E. DAY 


ABSTRACT. Long plates with two sizes of constant could be determined as a calculated the rate of release of elastic 
centrally located holes and a third case function of the crack length. For a energy for that special case. Exten- 
with one of the holes reinforced on each ade of thi 

side of the plate were tested to determine simple centrally notched plate in ten- sive use has been made of this experi- 
the strain energy release rate as a function sion Kies® used the rigidity factor mentally in the development and testing 
of crack length, The cracks were idealized as given by Greenspan’ and from it of improved materials for aircraft can- 


as saw cuts emanating symmetrically 
from each side of the discontinuities 
CR-39 cast plastic material was used for 
the plates so that a photoelastic study of 
the strain distribution in them might be 
made, A comparison with theoretically 
determined resulta is given 


Introduction 


Although Griffith' was very successful 
in demonstrating that fracture instabil- 
ity could be explained in terms of an 
energy release rate balanced against 
fracture surface energy in glass, the 
engineering profession has been slow 
to adopt the concept and apply it to | 
structures Before that could be done, 


theory were necessary. The first was T 

the assumption by Irwin*® that fracture 
instability need not be reversible and i 
that the surface energy in the Griffith —_ 24" } 2" 


formulas could be replaced by a quan- 


6 
tity dW/dA, or work per unit of nom- | 


inal fracture area. This work value in 
practice is generally 1000 to 10,000 times 
the surface energy. A second modifica- 
tion necessary was the introduction of 
boundaries or finite dimensions to the 
teat piece or structure being studied 
This by Irwin and Kies* * who { } 


expressed the elastic energy of the struc- 


ture in terms of its spring constant and CRACK 

assumed that the rate of release of elas- 

tic energy could be calculated provided 

that the rate of change in the spring Dg CR-39 
THICK PLASTIC 


Emmett BE. Day is Professor of Mechanical Engi 


arenas at the University of Washington, Seattle, NO. I NO 2 NO. 3 
Werk carried “bite the ether was Fig. 1 Size and shape of specimens used in the determination of release rate 
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(b) 


Fig. 2. Photoelastic pattern of center bay containing a round hole and a square 


hole with each having cracks. 
boundary lines of the bay. 


opies.” In addition, Brossman" has 
made experimental determinations of 
energy release rates for extension of 


cracks from 


The work reported here uses 


various holes in metal 
plates 
plastic rather than metal test structures 
and includes an example of the effect 
of reinforcement around a hole 


Fig. 3. The effect of an expanding crack on the spring 
constant of plate with small round hole 
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Symmetry of the pattern is seen about the scribed 
Fringe multiplication of nine was used here 


The present paper covers the experi 
mental determination of the rigidity 
factor K for three cases of plate discon 
tinuities. One is a plate with a small 
central hole and cracks emanating from 
each side one has a large central 
square hole with rounded corners and 


cracks coming out each side and the 


corners 
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third iw the same size large hole with 
reinforcements fastened on each side 
of the plate to simulate a large opening 
in a structure with a welded reinforce- 
ment From this the energy release 
rate fuetor d/dy(1/K) is determined 
and compared with the theoretical de- 
termination given by Crreenspan, 

For the conditions of the starting 
unstable fracturing, 


i: 


constant and F is the 
V is a constant 


and stopping ol 


Where 
V is the spring 
load. For fixed ends, F 


d l 
dk 1 ( 
da 2 di u) 


For plate, dA is proportional to dz, 
the change in crack length. A relative 
c/B is used instead 
crack length. B is the 
The strain energy release 


erack length y 
of the actual 
plate width 

rate factor d/dy(1 A 
lengths in three specimens shown in 
Fig. lis given, If hk the spring con- 
stant of the flat plate specimen con 
taining a hole and transverse crack of 


for various crack 


length x, and ko is the spring constant for 


y* 


Fig. 4 The effect of an expanding crack on the spring 
constant of a plate with a large square hole with rounded 
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a crack of zero length, then K is k/ke. 
Experimentally, 1/K can be determined 
by measuring the spring constant of 
the plate for each of the crack lengths. 


Experimental Procedure 


The material used for the three speci- 
mens shown in Fig. | was cast plastic 
CR-39. This material was chosen so 
that some photoelastic observations 
could be made in conjunction with the 
energy release rate study. Also, its 
low modulus allowed relatively large 
strains for small loads within the 
elastic range which in turn permitted 
the use of dead weights for careful meas- 
urement of the load and convenience 
of control of the entire test. Creep in 
the plastic was present, but its effects 
are shown later to have been minimized 
and of little consequence to the over-all 
results. The idealized cracks originat- 
ing from the central holes in the plates 
were increased in length after each 
loading cycle by a fine saw mounted in 
a milling machine. 

Strain energy was measured for the 
center section that is outlined by the 
scribed lines on each plate as shown in 
Fig. 1. To insure isolation of this 
portion of the model, symmetrical bays 
were placed on each side of the central 
area similar to that method employed 


by Greenspan,’ except not so many 
bays were used. Doubts have been 
expressed concerning the symmetry 
of strain about the scribed boundary 
lines of the central bay. Conclusive 
evidence that this boundary remains a 
straight line is furnished by the photo- 
elastic picture of the strain region of 
Fig. 2 (a) and (6), in which the pattern 
is very symmetrical about these bound- 
ary lines. These patterns were taken 
with loads in the order of 125 pounds 
which produced very low stress and 
strain well within the elastic range of 
the material. For these pictures, use 
was made of the fringe multiplication 
technique developed by Post at the 
Naval Research Laboratory.‘ In this 
particular figure, the retardation is 
multiplied nine times. The reinforce- 
ments fastened to model No. 3 by F-88 
cement were of CR-39 and so propor- 
tioned that the string constant of this 
plate with reinforced hole would be 
the same as for a solid plate with no 
hole. The result was within 1%. 

Since the specimens were loaded 
axially under a single dead weight load, 
the stored elastic energy can simply 
be written as; 


E, = '/;PAL 


P is the load and AL is the short time 


recoverable elastic component of the ex- 
tension. Since L was the length of the 
central bay and equal to 6 in. for this 
case, Type A-9, SR-4 bonded resistance 
wire strain gages were used for the 
measurement of AL. Four gages were 
used for each specimen by placing two 
on each face of the plate '/, in. in from 
the outer edge and extending the entire 
length of the center bay. The two gages 
which were back to back were connected 
in series and thence to a Baldwin Type 
K Strain Indicator. This type of hook- 
up eliminated any response due to 
bending in the plane of the plate and 
gives average strain over the whole 
6 in. of bay length. By adjustment of 
eccentric pins in the grips, central load- 
ing on the specimen was obtained. 
Deliberately large eccentric loadings 
however, rendered the same average 
results as those with careful adjustment 
The dead weight loads were measured 
by means of a Baldwin Load Cell. 

For each crack increment, readings 
were taken for elongation with increas- 
ing and decreasing loads. These results 
were plotted to a large scale to obtain 
the slope of the load-elongation curve. 
To minimize the effect of creep, each 
load was left on only long enough to 
take the readings and a zero reading 
taken immediately after its removal; 


EXPANDING 


CRACK 


aw 
ron! 


(KIES) 


OF RELEASE. FACTOR, 


RATE 


Fig. 5 The effect of an expanding crack on the spring 
constant of a plate with large square hole with reinforce- 


ments 


EXPANDING CRACK 


SPECIMEN NO.2 


Fig. 6 Energy release factor for expanding crack in plates 
with small round hole and iarge square hole. 


Experi- 


mentally determined curve 
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the difference in these two was used as 


the observed value. The plate was 
allowed to stand unloaded for a creep- 
regain period between each loading, 
and a definite time pattern used for the 
whole cycle in an effort to repeat the 
creep effect for each loading. One 
may reason that the measured values 
of K were not the true values but some- 
thing less due to the creep. However, 
if these creep effects are repeated for 
each crack length and are very small 
besides, they do not effect the change 
of K with crack length. This is more 
clearly shown in the appendix. 


Results 
Figures 3, 4 and 5 show the experi- 
mentally determined values of 1/AK 


which is equivalent to 1/M times a 
constant where M is the spring constant 
of the plate. It is interesting to note 
that one may consider Figs. 3 and 4 
identical. While the not 
drawn identical in the figures, they could 
have been and would probably be just 
shown. In other 


curves are 


as correct as those 


words, the data are not conclusive that 
they are different, but indicate that the 


two curves are similar. One would 


reason that a large hole with a crack 
in a plate is little different in behavior 
from a small hole plus crack as long as 
the hole-plus-crack length is the same 
for both. 


XPANDING CRACK 


A very different behavior is exhibited 
by the large hole with the reinforce- 
ment around it. Figure 5 indicates 
the value of 1/K with crack length for 
this case. Points for Fig. 5 were not 
secured in the vicinity of y = O04 as 
this is the point of change in cross sec- 
tion due to the reinforcement and frac- 
ture occurred at this point for previous 
specimens. fracture did occur 
in a similar specimen at y = 0.4 with 
a dW/dA value of 2.65  in.-lb/in.’, 
this slope is shown. The point through 
which it is drawn was secured from the 
fractured model rupture oc- 
curred. This value of 2.65 in.-lb/in.? 
does not agree, however, with carefully 


Since 


before 


determined experimental values for 
CR-39 plates with sawed cracks of 
similar length as determined by J. A 
Kies. His values for this case indicate a 
dW/dA value of 4.75 in.-lb/in.? The 
slope for this value is shown at y = O04 
on Fig. 5 and may well approximate 
the true slope of the curve as it passes 
this point. A sudden change in energy 
release rate is indicated at the change 
of cross section and seems to agree with 
the actual the 
Fracture occurred in similar reinforced 


behavior of plates 
specimens at about 15% less load than 
was safely sustained by specimens | 
and 2 for similar crack lengths 


Figure 6 shows the energy release 


factor, d/dy(1 


2 as a functi 
y 2/B. 
difference in 


K) for specimens | and 
yn of relative crack length 
There is indicated little 
the relative danger of a 


large or small hole in a structure if the 
total crack-plus-hole distance is the 


same 


for both. In 


other words, 


large hole with a small crack is just as 
bad as a small hole with a long crack. 


It is doubtful 


draw h 


a conclusion. Of 


that one would intuitively 
course, 


the small hole with a crack equal to 


the width of 
potentially 
started in the 


worse 


the large hole would be 
until a crack got 
» edge of the large hole 


Figure 7 of the energy release factor 


for the 
reinforcement 
early stages « 
but might be 


in cross section i 
release rate increases rapidly 


energy 


reinfor ed hole 


le shows that a 

is advantageous in the 
if development of a crack 
much worse as the change 
Here the 


rent hed 


and a peculiar danger exists at this 
point since this rate can become very 


large 


4 
Greenspan’ 


has computed K for a 


rectangular plate containing a centrally 
located elliptical hole with its major 
axis parallel to the plate width and the 
load applied parallel to the minor axis. 


He gives: 


RATE FACTOR, 


RELEASE 


Fig. 7 Energy release factor for expanding crack in plate 
Experimentally deter- 


with large square hole reinforced. 
mined curve 
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SPECIMEN NO 3 


RELEASE RATE 


Fig. 8 
factor 
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Theoretically determined curves for energy release 
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| 
| 
| O | 
| | | 
| 1 
| | | 
= A : 6 
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1 + 2(a/b) Vo 


1 + 
e(n) if 


semimajor axis. 

semiminor axis. 

volume of elliptical hole 

gross volume of the specimen 
and is BLT where B is width, 
L is length and T is thickness 


e(n) 53) 
n = B/z = B/2a. 


To simulate a crack, let b — 0, and 

y=2/B, 

2-y'-— 

2+ (r — ly? — 
where r= 
The solution of this equation for vari- 
ous values of y gives the rate of energy 
release factor shown in Fig. 8. It will 
be noted that for square bays used in 
the writer’s test, Greenspan’s calculation 
as adapted to a long crack' agrees well 
with the experimentally determined 
values for a plate with a large or small 
hole plus a crack. 

It might be observed in conclusion 
that there seems to be little difference 
between the energy release rate for 
plates containing large openings or 
small openings so long as the crack- 
plus-hole length in each case is similar. 
Further it might be stated that frac- 
turing at a sudden change in cross sec- 
tion may be assisted by an unexpectedly 
large increase in energy release rate. 
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Astin Speaks at Fritz Laboratory 
Dedication 


A long period of professional leader- 
ship in the field of experimental stress 
analysis for Lehigh University was en- 
visioned by Dr. Allen V. Astin, director 
of the National Bureau of Standards, on 
October 14th. He delivered the prin- 
cipal address at the dedication of the 
new Fritz Engineering Laboratory. 

He told an audience of more than 300 
of the nation’s top industrialists and 
engineers that the world’s largest uni- 
versal testing machine at Lehigh “will 
make possible experimental studies 
which heretofore were not feasible.”’ 

Dr. Astin cited the nation’s need for 
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e 
Fig. 9 Plot showing the effect of 
creep in the determination of rate of 
change of the slope of the loading 
curve 


Naval Research Laboratory, in carry- 
ing out the experimental work, and to 
Dr. G. R. Irwin, Superintendent of 
Mechanics Division, Naval Research 
Laboratory, for his helpful suggestions 
and comments and for making the op- 
portunity for doing the work available 
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scientists and engineers and the chal- 
lenge to research engineers to produce 
the information in advance of research 
requirements 

The universal testing machine was 
put into operation by Hale Sutherland, 
professor emeritus of civil engineering; 
and Richard T. Douty, Williamsport 
senior civil engineering major 

The dedication 
started with a tension test of a 12-ft 
steel bar on the new machine. This 
was followed by a repeated load test of 


{2 ft long, using the 


demonstrations 


a concrete beam 
Amsler repeated load equipment manu- 
factured in The final 
test was one of compression on a 10-ft 


Switzerland 
laminated wood section on the universal 
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APPENDIX 


The creep in the plastic of the plates 
had small effect upon the determination 
of K. In Fig. 9 let m, and m, represent 
the actual slopes of the load-elongation 
for different crack 
my and m, are the measured slopes 


curves lengths; 


including the influence of creep 


Am 
(actu 
Ar P 
As 


measured 


If great care in testing is used to 
insure similar techniques for each load 
on the specimen, then Ae, ~ Ae, and 
the actual change in slope is the meas- 
ured slope change. 


testing machine 

The testing machine was designed 
saldwin-Lima-Hamilton 
It is capable ol 


and built by 
Philadelphia 
applying both tensional and compres- 
sional loads up to 5,000,000 Ib. Weight 
of the machine and accessories 18 ap- 
925,000 Ib. The height is 
approximately 60 ft above test floor 
and 16 ft below, a total of 76 ft (lear 


space between columns | 10 ft wide. 


Corp., 


proximately 


Specimens or structures up to 40 ft hy 
can be tested in tension above the sensi- 
tive crosshead or in COM pressor 

the sensitive crosshead jase struc- 
ture will accommodate structures up to 
100 {t long, 40 It high, and near 10 ft 


wide for test loads 


WeLpING Researcu SupPLEMENT 


K =— J/ 
=. Ye 
b ae, 
Vo = 
= 
P 
wtual) + 


